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Abstract 

 The use of composite crash structures in Formula One (F1) has been the subject 

of extensive research and investment over the past few decades, with the aim of 

increasing driver safety. However, these structures are quite costly to produce, and 

they need to be experimentally certified before being used. As design engineers seek 

ways to reduce the mass of such structures, it becomes increasingly challenging to 

ensure a high level of crashworthiness. The commercial design tools currently 

available to F1 teams have not yet been properly assessed in terms of their ability to 

predict composite crushing in a reliable and cost-effective manner. There is also a 

general lack of publicly available experimental and numerical data which could be 

used by researchers to assess and further develop the current numerical tools. 

 

 This thesis presents an experimental and numerical study on the crashworthiness 

of F1 composite crash structures. The experimental data produced during this thesis is 

very valuable, since it provides for the first time all the information and results 

obtained from crash testing a real F1 Side Impact Structure (SIS). This kind of 

experimental data, which is usually kept confidential, can serve as a benchmark with 

which to assess the numerical tools. The quasi-static and dynamic crush tests of the 

SIS were also complemented with similar crush tests of small flat and tubular coupons 

of various layups. 

 

 This thesis also presents some preliminary experimental studies which were 

performed in order to develop novel and reliable characterisation methods for the 

intralaminar fracture toughness properties of the composite materials being used. 

These properties are essential input parameters for most of the numerical tools used to 

assess crashworthiness, since they define the amount of energy being dissipated by the 

material during crushing. 

 

 Using the material properties obtained from these quasi-static characterisation 

tests, meso-scale (ply-level) simulations were performed, using an in-house 

intralaminar damage model, to predict the crushing response of the small coupons. The 

results show the need for further experimental characterisation and numerical 
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developments, before this modelling approach can become a reliable predictive tool 

for virtual coupon testing. 

 

 The SIS was also modelled numerically, using both the meso-scale approach of 

the small coupons, and the macro-scale (laminate-level) approach currently being 

assessed by F1 teams. Results show that the macro-scale simulations are clearly less 

computationally expensive and can provide comparable quantitative responses to those 

observed experimentally, both quasi-statically and dynamically. However, the 

experimental coupon tests, from which the macro-scale simulation material crushing 

parameters were obtained, need to be further investigated. The meso-scale results, 

similar to what was observed from the coupon simulations, show the need of further 

experimental and numerical developments. 
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Part I - Introduction and review of the state-of-the-

art in literature 

 

1. Introduction 

1.1 Background 

 The term composite material refers to a man-made combination of two or more 

materials, in order to produce a third one, with superior properties to any of the singular 

constituents [1]. One specific class of composites are the carbon fibre reinforced 

polymers (CFRPs). These materials, usually fabricated into laminates or sandwich 

structures, have found use in all kinds of transportation industries, due to their superior 

specific stiffness and strength, when compared to other conventional materials, such 

as metallic alloys and polymers [2,3]. 

 

 CFRP design and manufacturing technologies have evolved rapidly over the past 

decades, to allow for the mass production of load-critical automotive components, 

including the chassis, suspension links, and body panels [4]. However, when it comes 

to safety, the automotive industry is still reluctant to adopt composites for use in crash 

structures, due to a lack of confidence in the ability to design efficient energy absorbers 

that can be as reliable as the current metallic structures in use, especially under 

dynamic loading scenarios where the behaviour of composites is not yet fully 

understood. 

 

 The crashworthiness of Formula One (F1) cars has been an important topic over 

the last few decades [5,6]. Over the years, motorsport has seen some tragic incidents 

with the loss of life of both drivers and spectators. While the latter have been easier to 

protect, through the erection of fences and the strategic location of spectator stands 

away from the track, the drivers are still subjected to potentially fatal crashes. Unlike 

in the automotive industry, F1 has already seen substantial development and usage of 

composite crash structures over the past few decades, since these race cars stand to 

gain a significant performance advantage by being as light as possible. The increased 

specific energy absorption of composite materials, when compared to metals, means 
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that modern F1 crash structures also offer better protection to the drivers than their old 

metallic predecessors [7]. These structures, found at the front, rear, and sides of each 

car, are typically made of 2D woven CFRP laminates and sandwich structures. 

 

1.2 Motivation 

 F1 composite crash structures are quite costly to produce, and they need to be 

experimentally certified before being used. The certification of crash structures is more 

tricky than that of other components, since the use of a safety factor cannot be applied 

in crashworthiness. An overly conservative crash structure design, apart from being 

unnecessarily heavy, could prove fatal, by subjecting the driver to excessively large 

decelerations. More often, engineers risk having less conservative crash structures, as 

they seek ways to reduce their mass. This could still prove fatal, if the structure does 

not absorb enough energy during crushing, allowing the driver’s safety cell to bear the 

brunt of the impact. Thus, such structures are meant to operate within tight 

performance limits of energy absorption and need to be properly designed. This 

problem is further exacerbated for the front and rear F1 crash structures, which also 

need to perform as load bearing aerodynamic components [8]. This balance is not so 

easy to achieve, especially when designing for the crashworthiness aspect, since the 

behaviour of composite materials during crushing is quite complex.  

  

 A typical F1 front crash structure (nose box), shown in Figure 1.1, is usually longer 

than 0.6 m, and has a varying cross-section. It is a hollow structure made from single 

or multiple variations of woven composites and honeycomb cores. Such a structure 

can cost in excess of £20,000 in material and labour, so that repetitive physical testing 

is prohibitive. This has driven teams to use conservative designs. The introduction of 

Finite Element (FE) crash modelling software tools aims to provide greater design 

freedoms at much cheaper costs and shorter time-frames. However, current modelling 

tools need further improvement and validation before they can be used with 

confidence. There are two main modelling frameworks which could possibly capture 

the crushing behaviour of such structures, these being the meso-scale (ply-level) and 

macro-scale (laminate-level). The F1 industry currently prefers to use the latter, due to 

its lower computational cost. However, this comes at the expense of modelling fidelity, 

where the major intralaminar and interlaminar damage mechanisms are typically 
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lumped into semi-empirical input material parameters (such as a crush stress). These 

commercially available modelling tools (e.g. CZone® add-on for Abaqus® [9]) are used 

to capture the behaviour at the progressing crash-front, through the input of coupon-

level crushing data. 

 

 
Figure 1.1 – F1 Nose Box (Front Impact Structure) (taken from [10]). 

 

 The first step towards improving the design methods of crash structures is to 

understand the manner in which current structures crush, mainly by identifying the 

governing failure mechanisms. During the crushing of an entire structure, such 

intralaminar and interlaminar damage mechanisms can be hard to identify and isolate, 

especially because there is usually a substantial amount of interaction between them. 

 

1.3 Objectives 

 For the F1 industry to be able to reliably and accurately perform large structure 

crash simulations, an effort needs to be made on two fronts. The first of these is 

material characterisation. In order to reduce the number of calibration factors within 

current commercially available FE composite material models, there first needs to be 

better methods for characterising the post failure-initiation behaviour, where the 

composite material softens. To capture this behaviour, experimental tests need to be 

performed to quantify the amount of energy being dissipated as the fracture 

propagates, i.e. the fracture toughness. While the experimental procedures used to 

measure strength and interlaminar fracture toughness have been extensively 

investigated and standardised (eg. [11–16]), none of the techniques proposed for 

measuring intralaminar fracture toughness are yet accepted for industrial use. This 
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includes intralaminar fibre-dominated tensile (mode I) and compressive fracture 

toughness, even though both have been the subject of extensive experimental studies 

[17,18]. Since most meso-scale and macro-scale continuum damage mechanics models 

require the input of these intralaminar fracture toughness parameters [19–25], there 

needs to be an effort made in order to reach a consensus on which experimental 

techniques can provide the necessary values in a reliable and objective manner. The 

through-thickness compressive and shear behaviour of 2D woven composites is also 

not well documented, and could potentially play a substantial role on the progression 

of a crash-front, due to the large amounts of ply splaying and shearing that is typically 

observed [26]. 

 

 The second front that needs to be tackled is that of the finite element modelling 

tools themselves. The literature review presented in the next chapter has shown a 

necessity to conduct a proper assessment of the capabilities of current commercially 

available and state-of-the-art composite modelling tools, with respect to capturing the 

crushing behaviour of structural components. Such an assessment can only be 

performed by benchmarking the numerical tools using a complete set of crush test data, 

ideally of a F1 crash structure. However, to date, this kind of F1 structure experimental 

data is hard to come by, and usually incomplete, because of the confidentiality of such 

data. Hence there is a need for this data to be generated and made public, to act as a 

basis for benchmarking the numerical tools. Once this benchmark has been performed, 

the weaknesses of the respective modelling approaches can be addressed. 

 

 The objectives of the research presented here are to start tackling the problem on 

both fronts, by improving the material characterisation techniques as well as 

performing an initial benchmark of two available material models using a meso-scale 

and a macro-scale approach. 

 

1.4 Thesis outline 

 Following this introductory chapter, a literature review is presented, covering a 

brief introduction of composite materials, followed by a thorough analysis of 

composite crashworthiness. This includes a discussion on the methods of assessing the 

crashworthiness performance, followed by a review of several literature works on the 
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experimental crush test campaigns conducted on carbon fibre reinforced composites. 

This chapter also presents a summary of the numerical modelling work on 

crashworthiness and concludes with a review of material characterisation methods for 

intralaminar fracture toughness and through-thickness behaviour. 

 

 Part II presents three chapters of work dedicated towards the first objective, that 

of improving the experimental characterisation methods available to industry. The first 

two chapters focus on the determination of size-independent intralaminar fracture 

toughness, for mode I (tension) and compression, respectively. For compression, the 

post-peak response of the cracked specimens is used to obtain the residual compressive 

strength of the material. The last chapter of this part focuses on determining the 

through-thickness compressive behaviour of the chosen 2D woven composite, in order 

to provide the necessary material parameters to the meso-scale damage model being 

used in the third part of the thesis. 

 

 Part III also includes three chapters and addresses the second objective of the 

thesis. The first chapter presents an extensive experimental campaign of crush testing, 

including small coupons of varying layup and curvature, and also of a F1 Side Impact 

Structure (SIS). Both coupons and SISs are tested under quasi-static and dynamic 

loading regimes. These experimental crush tests were performed to acquire a 

representative set of data for benchmarking the numerical tools. The following chapter 

presents the theoretical background behind the two modelling approaches (one meso-

scale and one macro-scale) that are later benchmarked in Chapter 8, by attempting to 

capture the behaviour of the coupons and SIS numerically.  

 

 The final part of the thesis presents a discussion and some concluding remarks on 

all the experimental and numerical work conducted in Parts II and III, and finally puts 

forward some important aspects which need to be studied further in future work, in 

order to continue improving the predictive capability of the presented models. 
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2. Literature review 

2.1 Composite materials 

 Fibre-reinforced composites can be subdivided into several classifications. The 

different commercially available matrix materials are thermoset and thermoplastic 

resins, while the reinforcements are typically divided into continuous and short fibres. 

The manufacturing ease of curing thermoset resins (low curing temperatures and more 

flexible component designs) has so far made them more popular than thermoplastics, 

even though this trend is changing [9]. The improvements in manufacturing processes 

for thermoplastic resins, which used to be their biggest stumbling block, has allowed 

them to become more appealing to industry, especially since they offer better 

recyclability and higher specific energy absorption (SEA) than thermoset resin 

composites [27,28]. This SEA is of particular importance for crashworthiness 

assessment, since it quantifies the amount of energy that a material can absorb.  

 

 To date, the use of thermoset matrix composites is still preferred in F1, due to two 

major reasons. Firstly, it is difficult to incorporate new materials into load-critical 

structures without first having a thorough understanding of their performance. Hence, 

it would require extensive characterisation to be carried out before new thermoplastic 

composites are incorporated. Secondly, thermoplastic resins require different curing 

conditions to thermosets, and thus F1 teams would also need to adapt their 

manufacturing methods. This is not easily done, especially in F1, where new 

components are continuously being designed and manufactured for every single race 

during the season. However, with medium to long-term planning, a gradual transition 

to thermoplastic composites is quite possible. This is particularly likely in teams which 

also have automotive branches, such as McLaren, allowing for substantial knowledge 

transfer. Since road cars are designed over longer time periods, and the use of more 

environmentally friendly materials is becoming the norm, there is a possibility that this 

trend also seeps into the racing department. Although pure thermoplastic matrix 

composites are not widely used in F1, most thermoset epoxies contain thermoplastic 

additives in order to toughen their response (and also to increase their upper 

operational temperature limit), increasing their interlaminar fracture toughness, and 

hence improving their SEA, and thus resulting in a better crashworthiness performance 

[29]. 
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 In terms of the continuous carbon fibres, F1 teams use a variety of intermediate 

modulus (IM), high modulus (HM), and ultra-high modulus (UHM) fibre composites 

[7]. In particular, the more recently developed sub-group of IM fibres with ultra-high 

strength are of particular interest in developing more efficient crash structures, as they 

are capable of absorbing more energy during fibre fracture. This increase in energy 

absorption by the fibres can only be reflected at a structural level if the surrounding 

matrix is tough enough to withstand fibre-matrix decohesion and ply delamination 

[29]. 

   

 The main commercial types of continuous fibre-reinforced composites are 

unidirectional (UD), 2D woven and 3D woven systems. UD composites were the first 

continuous fibre systems to be used in structures, due to their high specific stiffness in 

the fibre direction [30,31]. However, in F1, 2D woven fabrics are preferred, due to 

their more balanced in-plane properties, improved drapability, and higher interlaminar 

properties [32]. In F1 cars, the main crash components are made entirely out of 2D 

woven CFRP, since fibre fracture propagation in UD composites, although more 

efficient, is much less stable than that of 2D weaves, where the interlaced tows ensure 

the crushing progresses in a stable manner. More recent developments of 3D weaves 

are producing even better results in terms of through-thickness properties. In essence, 

delamination can be avoided since the laminate would only consist of one thick woven 

ply, with fibres woven in three orthogonal directions [32]. However, 3D weaves are 

prohibitively expensive and have been outlawed by the F1 regulating body, the FIA, 

in order to maintain a level playing field between competing teams. 

 

 In terms of 2D woven fabrics, there is a large variety of commercially available 

architectures. These include plain, twill and satin weaves (see Figure 2.1). The larger 

the number of crossing overs of the warp and weft tow yarns, the more crimping is 

present. Higher crimping (plain weave) results in lower strength and stiffness, as more 

portions of the fibres are not aligned with the in-plane direction. Weaves with less 

crimp (such as 5HS), offer better strength and stiffness, as well as improved 

drapability, at the expense of lower energy absorption, due to the decreased energy 

transfer between warp and weft tows during crushing [7]. 
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Figure 2.1 – Different weave types: (a) plain; (b) 2x2 twill; (c) 4x4 twill; (d) 5-Harness-Satin; (e) 8-Harness-Satin 

(taken from [7]). 

 

 All the aforementioned reinforcement systems are generally bought by industry in 

a pre-impregnated form (prepreg), where the fibre preforms are in a partially-cured 

epoxy resin. This type of raw material allows for a cleaner curing process than resin 

infusion of dry preforms, since no resin needs to be added to the prepreg before curing 

at high temperatures and pressures. In this work, 2D woven CFRP prepregs are 

investigated, as they are the ones used in current F1 crash structures.  

 

2.2 Composite crashworthiness and damage mechanisms 

2.2.1 Crashworthiness parameters 

 The use of composites in crash structures is on the rise in most transportation 

industries, including aerospace [33,34], automotive [10,35,36], rail [37]. There are 

various parameters which can be used by industry to assess the crashworthiness 

performance of these structures: specific energy absorption (SEA); peak force; steady-

state force; and crush efficiency [38].  
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 The SEA, introduced earlier, is a measure of the total amount of absorbed energy 

normalised by the mass of the crushed material. This parameter can be used to compare 

different materials. However, it can also be quite useful in comparing the performance 

of various structures, especially in terms of assessing the differences caused by 

geometry and ply layup. The peak force is a measure of the maximum force transmitted 

to the rest of the body supporting the crash structure. Having a large initial peak force 

could result in the structure failing in an unstable manner, and could also subject the 

occupant of the vehicle to excessively large decelerations. Large initial peak loads are 

typically observed in constant cross-section crash structures which do not employ a 

proper triggering mechanism that enables the initiation of progressive crushing 

[39,40]. The steady-state force refers to the average force sustained during the stable 

crush progression, and is closely related to the total energy absorbed by the structure. 

The crush efficiency is calculated as the ratio between the stead-state and peak forces, 

and is used to assess the progressiveness and stability of the crushing behaviour. 

Having a low efficiency means that the structure is more likely to fail in an unstable 

manner, due to a large initial peak force. In order to increase the efficiency, and ensure 

stable progressive crushing, the initial load peak can be avoided by designing a crash 

structure with a steadily increasing cross-sectional area. 

 

2.2.2 Failure mechanisms during crushing 

 Mamalis et al. [40] conducted a comprehensive literature review of the 

crashworthiness capabilities of different composite materials and specimen 

geometries, and included the effects of the loading regimes and directionality. From 

this review, the major macroscopic collapse modes were classified as being either 

stable and progressive, or unstable. The stable progressive crushing modes of failure 

were further subdivided into three categories: progressive symmetric splaying, 

forming inward and outward fronds; asymmetric inward splaying of the laminate; and 

asymmetric outward splaying of the laminate. These last two crushing mode sub-

categories were only observed when using a varying cross-section geometry (such as 

a frustum), where the semi-apical angles with respect to the axial crushing direction 

were significantly large (≥ 15∘). 
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 For the stable progressive crushing mode, Mamalis et. al [39,41] identified the 

major  mechanisms within the progressing crash-front of an axially loaded circular 

tube. These are: a central debris wedge of fragmented material; delaminations ahead 

of the crash-front, propagating from the debris wedge into the laminate beneath; 

internal and external fronds as a result of ply splaying; and a severely strained zone in 

the laminate, just ahead of the crash-front. Figure 2.2 presents the gradual formation 

of the stable progressive crash-front mechanisms just described. Hull [26] and 

Mamalis et al. [40] identified several energy dissipation mechanisms acting within the 

crushing region (as shown in Figure 2.3): intralaminar fibre-dominated axial 

compressive damage; through-thickness shearing of the plies; circumferential fibre 

compressive and tensile damage due to the inward and outward splaying; friction 

between the delaminated splaying plies; friction within the debris wedge, and between 

the debris wedge and the plies beneath it; friction between the splaying plies and the 

metal platen used for crushing. 

 

 
Figure 2.2 – Schematic representation of the formation of the stable crash-front (adapted from [26]). 
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Figure 2.3 – Forces acting within the crushing region (taken from [26]). 

 

2.2.3 Experimental coupon and structural crush testing 

 Several studies in literature have tried to assess the crashworthiness of carbon fibre 

reinforced composites, by testing coupon specimens and identifying their failure 

mechanisms. Different coupon designs and loading fixtures have been tested, 

including both open section (e.g. flat [42–46], corrugated/sinusoidal [9,47], C-

channels [48,49], semi-circular [47,50]) and closed section (e.g. round tube [51–54], 

square tube [49,55,56], double hat [57]) geometries, for a variety of unidirectional 

(UD), 2D, and 3D weaves and braided architectures. The effects of different triggers 

[44,46,58,59] and plug initiators [60,61] on the development of different failure 

mechanisms have also been extensively investigated. Conflicting results have been 

reported for the effects of dynamic crushing on the Specific Energy Absorption (SEA) 

of materials. The measured SEA of various coupons has been reported to increase 

[52,56], decrease [43,50,62,63], or even to remain constant [52,53] under dynamic 

loading, when compared to quasi-static testing. However, the SEA is known to be a 

structural property, and not a material property [44], and thus it varies with material 
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(fibre, resin, and architecture), layup, coupon geometry, and loading fixture, and 

crushing velocity. Furthermore, it is not always a geometrically scalable property [55]. 

 

 Savage et al. [8] presented one of the only available literatures on large structure 

crash testing, an F1 rear impact structure (see Figure 2.4). At that time (2003), 

composite crash structures were already being designed, certified, and put to use in F1 

cars. However, their design method for crashworthiness was very empirical, since the 

simulation tools available to F1 teams were not yet developed for modelling composite 

crushing [8]. Furthermore, they used quasi-static crush testing in their iterative design 

process, as a means of evaluating the crash structure performance, before finally 

performing a more costly dynamic test to acquire certification. There was no mention 

whether the quasi-static and dynamic tests performed differently. They also performed 

tubular coupon crush tests to assess the specific energy absorption of the materials 

available.  

 

 

 
Figure 2.4 – Official F1 certification crash testing of a rear impact structure (taken from [8]). 

 

2.3 Composite crash modelling 

 Several works in literature have been devoted to the crashworthiness modelling of 

composite structures. Many approaches have been taken in order to capture the 

complex behaviour of composite materials in these scenarios. 

 

 The most popular method of simulating composite crush coupons and structures 

has been the stacked-shell element approach, whereby each ply of the laminate is 
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modelled using a single shell, and the plies are then joined together using a tie 

formulation [63–70]. This approach is popular due to the relatively low computational 

cost when compared to modelling such structures using 3D elements [71–74], while 

offering a better accuracy than modelling the entire laminate using a single shell 

element through the thickness [33,75,76]. Most of these works adopted the use of 

commercially available composite damage models, namely the MAT 54 [69,75–78], 

MAT 55 [79,80], and MAT 58 [64,81–83] cards from LS-DYNA®, the ply type 7 

model of PAM-CRASH® [63,67,68,84], and the ABQ_PLY_FABRIC model of 

Abaqus® [70,85–88]. Other researchers have tried to develop their own in-house 

damage models in order to model the material behaviour during crushing. These 

models include CODAM [66], developed at the University of British Columbia, and 

Intra-CDM [71,89], developed at Queen’s University Belfast.  

 

 Several other meso-scale and macro-scale damage modelling approaches have 

been developed for capturing the behaviour of composite materials (e.g. [19,90,91]). 

However, these state-of-the-art approaches, most of which have been developed to 

model UD composites, have never been used to capture large structural crushing, and 

have instead been tested on laboratory-sized coupons.   

 

 The software package Abaqus® also offers a special add-on, CZone®, for use in 

modelling composite crushing. This add-on is used to model the behaviour of the 

elements at the crash-front, in a similar way to the free-face-crushing concept 

developed by Israr et al. [92]. However, the use of CZone® still requires the input of 

semi-empirical material data to model crushing. This data is usually obtained from 

coupon crush testing, and is dependent on laminate layup, coupon curvature, and 

crushing velocity [85]. Thus, a large number of coupon tests need to be performed to 

model a complex structure, and there is no certainty that the crushing behaviour of a 

small coupon will be perfectly replicated in the structure. Due to this uncertainty, there 

is no consensus on the coupon geometries which should be tested in order to feed 

material crush parameters into the crush simulations of complex structures. None of 

the models presented in literature have yet been adopted by the F1 industry to assess 

crashworthiness, probably since these models require a repeated calibration of 

parameters in order to assess the crashworthiness of different structural geometries, 

making them too unreliable for industrial use. Furthermore, these models have only 
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been used to simulate simple geometrical shapes and would need to be validated for 

use with actual automotive crash structures.  

 

 In this work, it was decided to combine the ABQ_PLY_FABRIC orthotropic 

damage model and CZone®. This macro-scale approach was chosen as the baseline 

commercially available modelling package to simulate crushing at the laminate level, 

as it is currently being assessed for potential industrial use in F1. It will be compared 

to the Intra-CDM meso-scale damage model, in order to assess whether these two 

models are suited for industry. The shortcomings of both models will also be 

identified, along with suggested improvements. The theory, implementation, and 

results of both approaches will be explained in Part III of this work. 

 

2.4 Material characterisation 

 Earlier in the first chapter, material characterisation was identified as one of two 

main fronts for improving overall FE crash simulations. This sub-section provides a 

thorough review of current standard experimental characterisation methods, as well as 

some non-standardised techniques, and highlights the major areas which need to be 

developed further.  

 

2.4.1 Intralaminar characterisation 

 Intralaminar composite characterisation can be divided into two main sets: elastic 

and strength testing; and fracture toughness testing. Both sets of tests are needed to 

populate the inputs of most meso-scale and macro-scale damage models. 

 

Elastic and strength testing 

 The tensile and compressive strengths need to be measured in the two fibre-

dominated directions of 2D woven composites, and also in the through-thickness 

direction. Shear strengths, both in-plane and through-thickness, need to be measured 

in separate tests. During all of these tests, the elastic and elastic-plastic responses of 

the normal and shear behaviours are also measured, as well as the three main Poisson’s 

ratios. 
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1. Fibre dominated tension 

There is a general acceptance of the ASTM standard D3039 for tensile testing 

of composites, which has been applied successfully to woven CFRP laminates 

[11,93]. This test method makes use of unnotched rectangular specimens, and 

requires the use of tabs to reduce stress concentrations in the gripped portions, 

promoting failure in the gauge area. Failure in the gauge section will give accurate 

strength values (the same can’t be said for failure in the grips). By using the 

method outlined in ASTM E132 [94], the in-plane Poisson’s ratio can be 

calculated from the ratio of two strains, measured with two strain gauges which 

are bonded parallel and perpendicular to the loading direction (along the two in-

plane fibre directions) [94].  These tensile tests need to be performed for both fibre 

directions (to measure the in-plane symmetry of the weave). The strain field can 

also be verified by using Digital Image Correlation (DIC). 

 

2. Fibre-dominated compression  

Short, thick rectangular specimens have been used in literature to measure the 

compressive properties of both UD and 2D woven composites, based on the 

ASTM D695 standard [95,96]. A MoS2 coating of the specimen ends was 

recommended to reduce the friction with the loading contact surfaces, removing 

any unwanted interactions between the fibrous specimen ends and the load 

surfaces [96,97]. Longer compression specimens can also be tested following the 

ASTM D6641 standard [12], using a combined loading fixture, to avoid the end 

effects of the D695 specimens. 

 

3. In-plane shear  

A number of tests have been proposed to measure the in-plane shear behaviour: 

10∘  off-axis tensile test [98]; 45∘ off-axis tensile test [99]; Iosipescu Shear test 

[100]; V-Notch Rail Shear test [13]. The two major issues with shear testing are 

the achievement of a homogeneous shear stress field in the specimen, and the 

elimination of other in-plane stresses. While the first issue can be solved through 

the clever use of oblique tabs for off-axis tensile tests [101], no test can completely 

eliminate tensile or compressive stresses from the specimens. The main advantage 

of the V-Notched Rail Shear test (which is the most widely used method) over the 

Iosipescu test, is that the specimen ligament can be longer, since the face clamping 
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is stronger than the edge clamping of the smaller specimen, and thus allows for a 

more representative cross-section of material to be tested [13]. 

 

4. Through-thickness tension  

The through-thickness tensile properties have been the subject of a few 

different test methods, including ASTM standards (D7291 and D6415) [102–104]. 

The most used method is based on the D7291 standard guidelines, and involves 

bonding a thin disc of composite between two steel tabs, and pulling the assembly 

apart. By manufacturing a reduced gauge section in the centre of the disc (refer to 

Figure 2.5), an accurate measurement of the through-thickness tensile strength can 

be obtained [103].  

 

5. Through-thickness compression  

The compressive properties can be measured using specimens similar to two 

of the previously described tests: the in-plane compressive test of the ASTM D695 

standard; and the through-thickness tensile test of the ASTM D7291 standard. The 

advantage of using the former type is that these specimens do not need to be 

bonded with any steel tabs, and that strain fields can be measured using DIC since 

their surface is flat. The latter kind of specimens are beneficial since their reduced 

gauge section allows them to be significantly thinner than the 20mm thick 

specimens suggested in ASTM D695. This makes laminate curing much simpler.  

 

 
Figure 2.5 – Through-thickness tensile specimen geometry variants of ASTM D7291 (taken from [105]). 
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6. Through-thickness shear  

The developed test methods for through-thickness shear testing are based on 

adaptations of the in-plane shear tests (Iosipescu and V-Notch Rail Shear tests). 

Literature for 2D woven composite testing suggests that the in-plane strengths are 

higher than those in through-thickness [104]. The ASTM D7078 standard requires 

specimens cut from a 56mm thick laminates, while the Iosipescu fixture can accept 

specimens which are half as thick [13,104]. If these laminates prove too thick to 

be cured properly, then it could be possible to measure the though-thickness shear 

behaviour by decomposing the induced compressive and shear stresses in an off-

axis through-thickness compression test, with specimens similar to those of ASTM 

D695. This method was suggested by Tsai et al. [97], but has only been 

implemented for in-plane compression tests. Furthermore, this test could prove 

problematic if the resultant failure plane is not aligned with one of the principal 

axes of the material, as the stress decomposition would be inaccurate. 

 

Fracture toughness testing 

 Intralaminar fracture toughness parameters are essential for damage models to 

capture the softening behaviour and to dissipate the correct amount of energy. Unlike 

the elasticity and strength tests just described, no current standards have been issued 

for intralaminar fracture toughness testing. Thus, this sub-section provides a more in-

depth review of the experimental methods found in literature. 

 

1. In-plane mode I (tension) 

 The mode I intralaminar fracture toughness of CFRPs has been the subject of 

extensive experimental investigations [17,18]. Recently developed Finite Fracture 

Mechanics (FFM) and continuum damage models require the input of either a 

steady-state fracture toughness, 𝑅 , or a softening law derived from the material’s 

crack resistance curve (𝑅-curve), to accurately capture the progressive damage in 

composites [19,21,22,24,25,106,107]. The F1 industry is still reluctant to adopt 

the use of such material damage models, partly due to the aforementioned lack of 

standardised experimental methods for determining the various intralaminar 

fracture toughness values. 
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 The available literature on mode I intralaminar fracture toughness can be 

grouped into stable and unstable crack propagation techniques. Each comprise 

different test specimens and data reduction methods, with their own respective 

advantages and draw-backs.  

 

 Stable crack propagation techniques have been more extensively studied. 

Several different specimen geometries have been tested, for an assortment of 

unidirectional (UD) and bi-dimensional (2D) woven composites [108–110], most 

notably for Compact Tension (CT) tests. Other geometries have also been tested, 

including the 4-Point-Bend (4PB) with a single edge notch [111], and Over-height 

Compact Tension (OCT) [112]. Furthermore, numerous data reduction techniques 

have been developed for obtaining the fracture toughness from these stable crack 

propagation experiments. The CT geometry remains by far the most used and well 

documented specimen type. The extensive work conducted on CT specimens has 

necessitated variant design modifications, such as the doubly-tapered CT (2TCT) 

by Blanco et. al. [110], aimed at supressing the onset of premature failures 

observed in the standard CT geometry (back-end compressive failure; failure at 

the load introduction points; and buckling). These stable crack propagation 

experiments require the measurement of the crack propagation, usually by tracking 

the crack tip location, which complicates the execution of the experiment. 

 

 More recently, unstable crack propagation techniques have been developed, 

which take advantage of the quasibrittle nature of these composites. Using 

Bažant’s size effect method [113], the fracture toughness is obtained by testing 

geometrically scaled specimens such as Single/Double Edge Notch Tension 

(SENT/DENT) specimens [18,114]. These techniques enable the construction of 

a size-independent 𝑅-curve. The same cannot be ascertained for single-size stable 

propagation geometries such as the CT, without first testing larger versions of such 

specimens to ensure this steady-state value is actually size independent [18]. These 

unstable size effect methodologies have also been employed in the measurement 

of the mode II [115] and compressive [116] intralaminar fracture toughness 

properties. Recent advances in measuring the dynamic intralaminar fracture 

toughness of CFRPs have also made use of such methods, including testing in 

mode I tension [117] and compression [118]. 
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 One of the major drawbacks of both stable and unstable crack propagation 

specimens is in the manufacturing of pre-cracks [111]. The preferred method of 

introducing a thin pre-crack in CFRP specimens is by using a razor blade, or using 

a diamond-coated thread wire [119], usually achieving a tip radius of around 0.1 - 

0.2 mm. This task is difficult to perform accurately and repeatedly. Experimental 

errors can arise when pre-cracks are misaligned, curved, or of incorrect length. 

This is a deterrent to industrial-level testing, where the number of specimens 

required can be significant. A simpler automated pre-crack introduction technique 

would be preferred for the standardisation of such experiments, such as using 

Computer Numerical Control (CNC) milling, to achieve improved geometrical 

tolerances and faster production if the slightly larger tip radii can be tolerated. 

Considering pre-crack tip radii in the range 0.015 mm to 0.75 mm, it has already 

been shown that a pre-crack tip radius sensitivity exists when measuring the 

initiation fracture toughness of unidirectional composites using stably propagating 

CT specimens, while the steady-state fracture toughness is unaffected [120]. This 

initial sensitivity is a result of the machined pre-crack tip radius from which the 

crack starts to propagate. The steady-state fracture toughness of such specimens is 

determined using sets of experimental points which are located through 

measurements recorded when the crack has propagated some distance away from 

the initial crack tip such that the pre-crack tip radius is not influential.  

 

 Unstable specimen testing of 2D woven SENT specimens, conducted by 

Salviato et al. [114], made use of sharp pre-cracks similar to CT specimens, with 

a tip radius 70 times smaller than the representative unit of the woven material. 

No justification was given as to whether such a pre-crack radius would be 

sufficiently small for unstable propagation tests. Catalanotti et al. [18] claimed a 

certain amount of pre-crack tip radius insensitivity for unstable specimens (both 

UD and 2D woven), testing DENT specimens with milled pre-cracks of 0.5 mm 

tip radius while assuming a slit crack (tip radius of 0) in the numerical derivation 

of the geometrical correction factor. This claim was based on the assumption that 

the peak load instability occurs after the crack has already propagated to its critical 

length, making it a sharp crack tip at failure. This claim was only experimentally 

substantiated by previous testing of a single UD cross-ply centre cracked specimen 

[121], tested with a pre-crack radius of 0.2 mm. A similar peak load had been 
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observed for similar specimens with blunt pre-crack radii of 0.5 mm. 

Understanding this sensitivity for unstable testing is even more crucial, since the 

steady-state fracture toughness is derived from the peak loads observed for the 

different sized specimens. Thus, the existence of a peak load sensitivity on the pre-

crack tip radius may result in an inaccurate measurement of the entire R-curve. 

 

2. In-plane compression 

 In compression, the initiation and propagation of a crack in a notched structure 

manifests as a through-thickness kink-band [116,122]. This phenomenon only 

holds true for notched structures, since unnotched geometries can fail due to other 

compressive failure mechanisms. Obtaining a correct measurement of the 

compressive fracture toughness is especially important when modelling impact 

and crush loading scenarios.  

 

 Similar to the tensile experiments, both stable and unstable crack propagation 

techniques have been proposed to measure this compressive fracture toughness 

[116,123,124]. The stable crack propagation techniques have focused on the 

development of the Compact Compression (CC) specimen geometry combined 

with different data reduction methods, such as the area method and the Finite 

Element Method (FEM)-based approach [124]. The FEM approach was proven 

inaccurate by Catalanotti et al. [125], due to the contact tractions that develop on 

the crushing faces of the propagated crack. These tractions directly increase the 

measured load, and also modify the stress distribution around the propagating 

crack, dissipating energy which does not contribute to the continued kink-band 

crack propagation, thus leading to an overestimation of the fracture toughness. 

Furthermore, both of these data reduction techniques require the tracking of the 

crack length during the stable propagation. While the crack tip is already difficult 

to locate in stable mode I tensile fracture toughness tests, its location becomes 

even more of a subjective estimate in CC testing, especially when measured 

optically [125]. Although other less subjective crack measurement techniques 

have been employed in literature, including Digital Image Correlation (DIC) 

[125], and infrared thermography [126], such methods might be too complex for 

the F1 industry to adopt.  
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 Unstable crack propagation techniques have been developed based on the size 

effect method, making use of the energetic (non-statistical) size effect observed in 

notched composite specimens [116,123]. The size effect method has already been 

used to measure the compressive fracture toughness [116,123] of UD CFRPs. 

However, it has never been applied to 2D woven composites in compression.  

 

3. In-plane mode II (shear) 

 Shear testing of notched specimens is necessary to find the mode II 

intralaminar fracture toughness. This kind of testing has not yet been researched 

extensively, with no current literature found for 2D woven CFRPs. A size effect 

testing approach was recently adopted to measure this material parameter for a UD 

composite, although results were limited by the geometrical sizes of the specimens 

due to the Iosipescu test fixture that was used [115]. Through the redesign of such 

specimens, possibly with the adaptation of the V-Notch Rail Shear fixture [13], an 

improved characterisation technique can be obtained for measuring the mode II 

fracture toughness. Such an adaptation was already performed by Tan et al. [127], 

to characterise the mode II fracture toughness of a UD composite reinforced with 

a thermoplastic matrix. However, this technique, which employed the essential 

work of fracture concept to measure the fracture toughness, did not decompose the 

energy dissipated by the shear softening from the overall shear behaviour 

evolution of the specimens, which also included significant fibre rotation and fibre 

pull-out after the initial matrix fracture. Thus, this method provided a significantly 

overestimated mode II fracture toughness. 

 

2.4.2 Interlaminar Testing 

 Interlaminar characterisation has been the subject of extensive research work, 

since delamination failure is the most common failure mechanism affecting both UD 

and 2D woven composites [128]. Standards have been developed for measuring both 

mode I and mode II fracture toughness values, as well as their mixed-mode 

relationship. The Double Cantilever Beam (DCB) method is the main technique used 

for measuring mode I, and is summarised in ASTM standard D5528 [14]. It has been 

widely accepted by research and industry. The same can’t be said for the mode II 

fracture toughness tests. Although the End Notch Flexure (ENF) is the most widely 
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used method (ASTM D7905 standard), other techniques such as the Transverse Crack 

Tension (TCT) and the Calibrated End-Loaded Split (C-ELS) have been proposed. 

Reported testing of TCT specimens has provided much higher fracture toughness 

values than those obtained from the ENF tests [128]. This was attributed to the 

different critical stability of the two tests, with the ENF test measuring the propagation 

value during the rising portion of the R-curve, while the TCT specimen is more stable 

and can provide a propagation value from the steady-state portion of the R-curve. 

Using size effect testing with the modified TCT specimen, as proposed by Scalici et 

al., a size-independent mode II fracture toughness can be obtained [128]. ASTM 

D6671 standard details the use of Mixed-Mode Bending (MMB) specimens to obtain 

fracture toughness values for different mixed-mode ratios [15].  

 

2.5 Conclusions 

 This chapter has included an in-depth review of the current state-of-the-art 

literature works on composite crashworthiness, focusing on the experimental and 

numerical results attained by other researchers in the strive towards providing industry 

with better predictive tools to assess composite structure crushing. The material 

characterisation tests which were reviewed have evidenced two important areas for 

further development: through-thickness compression and shear testing; and 

intralaminar fracture toughness testing. As such, the next part of this thesis is dedicated 

towards improving some of the methods available for characterising these properties. 

 

 The review on experimental coupon and structural crush testing has revealed two 

major issues which will be addressed in Chapter 6 of this work. Firstly, there is a 

disagreement on the strain-rate effect on the crushing behaviour of 2D woven CFRP 

coupons and structures. Secondly, there is a need to assess the geometric scalability of 

the crushing behaviour from coupons to structures. Furthermore, literature has 

evidenced the need to generate a comprehensive set of experimental crush test data of 

a composite crash structure, which can be made public, and used to benchmark existing 

and future numerical tools in terms of their cost and accuracy with respect to predicting 

the crushing behaviour. 

 



2. Literature review 

24 
 

 With regards to crash modelling of composites, there is a need to properly assess 

and compare currently available material models, in order to determine whether the F1 

industry would benefit from their use, or whether there is still the need to further 

develop these models before using them to predict the behaviour of real crash 

structures. Such an assessment will be performed in the Chapter 8, for two models, 

with the possibility of benchmarking other models in the future.  
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Part II - Material characterisation 

 

Overview 

 These three chapters address the experimental characterisation which was 

performed in order to acquire some of the material properties which were not readily 

available in the manufacturer data sheets. These properties were required as inputs by 

the meso-scale and macro-scale damage models, for use in the crush simulations 

presented later in Part III. While standard methodologies exist for characterising the 

in-plane elastic and strength properties, the intralaminar fracture toughness parameters 

have not yet been standardised. Chapters 3 and 4 address the mode I (tensile) and 

compressive intralaminar fracture toughness characterisation, proposing experimental 

methodologies and data reduction techniques which can be easily applied to most 2D 

woven CFRPs. Although the compressive through-thickness behaviour of woven 

composites has already been assessed in literature, the softening regime has not yet 

been analysed. Chapter 5 focuses on understanding this compressive through-

thickness behaviour by testing both notched and unnotched geometries, while 

obtaining some of the material parameters required by the numerical models. 

 

Chapters: 

3. Mode I intralaminar fracture toughness characterisation 

 

4. Compressive intralaminar fracture toughness and residual strength characterisation 

 

5. Through-thickness compressive characterisation  
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Nomenclature 

𝑎, 𝑎 , 𝑎      crack length, effective crack length, initial crack length value 

�̅�, 𝐶̅      fitting parameters for linear regression I 

𝐴, 𝐶     fitting parameters for linear regression II 

𝑐    critical crack extension for a fully developed fracture process 

 zone in an infinite specimen 

𝐶       specimen compliance 

CV%      Coefficient of Variation percentage 

det 𝑭      determinant of the deformation gradient 

𝑑        initial notch tip diameter 

𝑑 ( )      longitudinal tensile / compressive damage variable for the tows 

𝑑        matrix damage variable  

DENC      Double Edge Notch Compression geometry 

DENCLC     Double Edge Notch Combined Loading Compression geometry 

DENT      Double Edge Notch Tension geometry 

𝐸 , 𝐸   in-plane tensile elastic modulus in the warp and weft 

 directions of the weave 

𝐸 , 𝐸   in-plane compressive elastic modulus in the warp and weft 

 directions of the weave 

𝐸 , 𝐸   in-plane elastic moduli of the tows: longitudinal and transverse 

𝐸       through-thickness elastic modulus of the tows   

𝐸∗ , 𝐸∗   normalised tensile and compressive elastic moduli in the warp 

 direction, with respect to the equivalent modulus 

𝐸        elastic modulus of the epoxy matrix 

𝐸       equivalent modulus 

𝑓(𝑎)      normalised energy release rate correction factor 

FX       fixed head setup 

𝐺        in-plane shear modulus of the weave 

𝐺        in-plane shear modulus of the tows 

𝐺 , 𝐺       mode I energy release rate, and its critical value 

𝐺 , 𝐺       compressive energy release rate, and its critical value 

𝐺 , 𝐺   compressive and tensile longitudinal mode I intralaminar 

 fracture toughness of the fibre tows  

𝐺 , 𝐺   compressive and tensile transverse mode I intralaminar fracture 

 toughness of the fibre tows 

𝐺 , 𝐺 , 𝐺    in-plane and through thickness mode II intralaminar fracture  

 toughness of the fibre tows 
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𝐺        mode I fracture toughness of the epoxy matrix 

𝐾 , 𝐾      stress intensity factor, and its critical value 

𝐾      compressive stress intensity factor 

𝐾       stress concentration factor 

𝑙, 𝑡       size parameters 

𝑙        length of a fully-developed fracture process zone 

𝑙        element size  

𝐿        length of the Embedded Cell 

𝑀, 𝑁     fitting parameters for bilogarithmic regression 

𝑃, 𝑃 , 𝑃     load, and peak load values 

𝑃        critical/peak load  

𝑟        initial pre-crack tip radius 

𝑅       crack growth resistance 

𝑅        steady-state fracture toughness 

𝑆 , 𝑆 , 𝑆      in-plane and through-thickness shear strengths of the tows 

SA       self-aligning head setup 

SD       Standard Deviation 

SR       strain radius (in pixels) for the DIC analysis 

tr(𝑄)      trace of the stiffness matrix 

𝑢 , 𝑢       displacements at corresponding peak loads 

𝑢        nodal displacement 

𝑢 , 𝑢 ̇       vertical nodal displacement and velocity 

𝑢        out-of-plane displacement 

UN       unnotched rectangular specimens 

𝑣 , 𝑣   in-plane major and minor Poisson’s ratio of the weave 

𝑣        in-plane Poisson’s ratio of the tows 

𝜈 , 𝜈   through-thickness Poisson’s ratio of the weave 

𝜈 , 𝜈   through-thickness Poisson’s ratio of the tows 

𝑣        Poisson’s ratio of the epoxy matrx 

𝑉, 𝑉       deformed and undeformed volumes of the element 

𝑤   characteristic size 

W   waisted specimens 

𝑊       width of the finite element model tows 

𝑊    width of the embedded cell 

𝑥 , 𝑥       in-plane tow axes of the weave: warp, and weft directions 

𝑋 , 𝑋       compressive and tensile longitudinal strengths of the tows 

𝑋 , 𝑋   compressive and tensile strengths of the epoxy matrix 

𝑋        compressive residual strength 
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𝑋       through-thickness compressive strength 

𝑌 , 𝑌       compressive and tensile transverse strengths of the tows 

𝑍        nodal load 

𝛥𝑎       crack length increment 

𝛼, 𝛼       shape parameter, and its initial value 

𝛼 , 𝛽 , 𝜒      fitting parameters for the compliance function 

𝛿, 𝛿       displacement and the corresponding failure value 

𝜀        in-plane strain 

𝜀        through-thickness compressive strain 

𝜀        through-thickness shear strain 

𝜅       correction factor 

𝜅 , 𝜅   correction factor value at 𝛼 = 𝛼 , and its derivative with 

 respect to 𝛼 

𝜆, 𝜌       dimensionless elastic parameters for material orthotropy 

𝜂       material softening parameter 

𝜎        nominal stress 

𝜎  , 𝜎    peak stress averaged in the ligament, for a notched and an 

 unnotched specimen 

𝜎  , 𝜎    maximum elastic stress at the notch tip, and corresponding  

 nominal remote stress 

𝜎        asymptotic strength of an infinitesimally small notched  

    specimen 

𝜎         compressive stress in an unnotched specimen 

𝜎         remote nominal strength of a notched specimen 

𝜎         intrinsic nominal strength 

ξ       shape parameter  
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3. Mode I intralaminar fracture toughness characterisation 

 

3.1 Introduction 

 Mode I intralaminar fracture toughness is an essential material property input for 

most state-of-the-art composite damage models. Due to its importance, it has been the 

subject of extensive experimental investigations [17,18]. However, none of the 

proposed techniques have been standardised, unlike the procedures developed for 

testing elastic, strength (e.g. [11]) and most interlaminar fracture toughness properties 

(e.g. [14]). 

 

This chapter presents an experimental and numerical comparison of both stable 

and unstable crack propagation techniques, used to measure the mode I intralaminar 

fracture toughness of 2D woven carbon fibre composites. Compact Tension (CT) and 

Double Edge Notch Tension (DENT) specimens are used for the stable and unstable 

experimental tests, respectively. The pre-crack tip radius sensitivity of the scaled 

DENT specimens is also investigated. The fracture toughness data obtained from the 

DENT and CT specimen tests is compared. 

 

3.2 Data reduction techniques 

3.2.1 Analytical models for the stable crack propagation of CT specimens 

The determination of the 𝑅-curve is achieved by studying the problem of a crack 

propagating in a 2D orthotropic body along one of its preferred axes [129]. In a 

balanced 2D woven laminate, where all plies have been stacked with the same 

orientation, the two in-plane preferred axes are the warp (𝑥 ) and weft (𝑥 ) fibre tow 

directions (see Figure 3.1a). The critical values of the mode I energy release rate, 𝐺  

and 𝐺 , are respectively associated with a crack propagating perpendicular to each of 

the in-plane axes, 𝑥  and 𝑥 . These two values are virtually the same due to the 

balanced nature of the woven plies; thus, the 1 or 2 apex notation will be hereon 

omitted for simplicity. 

 

 Several data reduction approaches have been used to determine the mode I 

intralaminar fracture toughness from stable CT specimen testing. These include: (i) the 
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area method; (ii) Compliance Calibration / Modified Compliance Calibration 

(CC/MCC) techniques; (iii) the Finite Element Method (FEM)-based approach; and 

(iv) the direct calculation of the critical value of the J-Integral, among others.  

 

 
Figure 3.1 – (a) Compact Tension (CT) specimen; (b) typical CT experimental load-displacement curve. 

 

 (i)  Area method 

The area method [130] is the simplest, making use of two sets of load peaks 

(𝑃 , 𝑃 ) from the load-displacement curve (see Figure 3.1b), with the corresponding 

loading point displacements (𝑢 , 𝑢 ), and the crack extension between these peaks 

(𝛥𝑎), for a specimen of thickness, 𝑡: 

 

 𝐺 = (𝑃 𝑢 − 𝑃 𝑢 ) (3.1) 

 

(ii) Compliance Calibration techniques 

CC and MCC techniques use the specimen compliance, 𝐶, obtained either 

experimentally or numerically, to calculate 𝐺  as: 

 

 𝐺 =  (3.2) 

 

where 𝑃  is the critical load causing the crack extension. For CC, the compliance is 

measured directly from the load-displacement curve of the tested specimens. The crack 
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length for the CC data reduction is measured optically, and is thus prone to error [131]. 

Catalanotti et al. [125] removed this subjectivity by developing an algorithm to be used 

with Digital Image Correlation (DIC) in order to locate the crack tip (implicitly 

assuming a self-similar crack propagation). For the MCC method, the compliance is 

either measured experimentally from specimens with different machined pre-crack 

lengths, or obtained numerically, through an elastic Finite Element (FE) model of a 

specimen with varying crack length [131,132]. A fitting function is used for this 

compliance, with three coefficients, 𝛼 , 𝛽 , and 𝜒 [133]: 

 

 𝐶 = 𝛼 𝑎 − 𝛽  (3.3) 

 

By rearranging this compliance fit, an effective crack length, 𝑎 , is derived for 

all load peaks of the tested specimens, with 𝐶 = 𝑢 𝑃⁄ : 

 

 𝑎 =
⁄

 (3.4) 

 

(iii)  FEM-based approach 

The stress intensity factor 𝐾 , and consequently its critical value 𝐾 , can be 

derived from empirical solutions, such as the ones used for isotropic materials [134], 

or for low values of orthotropy [129], and consequently the critical value of the energy 

release rate, 𝐺 , can be obtained from: 

 

 𝐺 = 𝐾  (3.5) 

 

where 𝐸 is the equivalent modulus. For isotropic solutions, 𝐸 = 𝐸, the material’s 

Young’s modulus. The orthotropic solutions necessitate a different solution for 𝐸, 

which is dependent on two dimensionless parameters, 𝜆 and 𝜌, which define the 

laminate’s orthotropic nature. In a state of plane stress 𝐸 is defined as:  

 

 𝐸 = 𝜆 ⁄ 𝐸  𝐸  (3.6) 
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 𝜆 =  ,      𝜌 =
 

− √𝑣  𝑣  (3.7) 

 

where 𝐸 , 𝐸  are the elastic moduli in the weave’s warp and weft directions, 𝐺  is 

the in-plane shear modulus, and 𝑣 ,  𝑣  are the in-plane Poisson’s ratios. 

 

The use of isotropic or low orthotropy solutions have been shown to provide 

erroneous estimates of 𝐾  for highly orthotropic cross-ply or woven laminates 

[18,131,132], such as the ones being tested here. In this case, a possible approach is to 

numerically calculate the correction factor using well-known numerical techniques, 

such as the Virtual Crack Closure Technique (VCCT) or the domain integral method. 

Using the numerical model’s normalised energy release rate (unit displacement per 

unit load) as a correction factor, 𝑓(𝑎), Laffan et al. [131] calculated the fracture 

toughness as: 

 

 𝐺 = 𝑓(𝑎) (3.8) 

 

where the correction factor, 𝑓(𝑎), needs to be recalculated for any material system. 

However, this can be easily corrected by calculating 𝑓(𝑎) as a function of material 

orthotropy, as proposed by Ortega et al. [132]. 

 

(iv)  Direct calculation of the critical value of the J-Integral 

Finally, the critical value of the energy release rate can be directly measured using 

the field data obtained using Digital Image Correlation (DIC), as proposed by 

Catalanotti et al. [125]. This methodology does not require the calculation of any 

correction factor and uses the displacement and strain fields to obtain the real-time 

values of the J-integral during the test. 

 

Due to the complications arising from specimen preparation and experimental 

testing setup, the aerospace and automotive industries are seeking simpler approaches 

to measure intralaminar fracture toughness. Furthermore, such industries may be 

further discouraged from adopting experimental data reduction methods which require 

FE modelling. The area method, although offering larger scatter in results [131], is the 
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only technique independent of both DIC and FE tools, and is currently being used by 

at least one major airframe manufacturer. Consequently, this data reduction method is 

used to compare stable crack propagation methods with an unstable crack propagation 

approach developed below. 

 

3.2.2 Analytical and numerical model for the unstable crack propagation of DENT 

specimens (Size effect method) 

 The FEM-based approach and the direct calculation of the critical value of the J-

Integral are also applicable to unstable data reduction schemes [121]. However, the 

size effect method is simpler to implement and provides a size-independent 𝑅-curve. 

The work presented here uses the size effect method as the only data reduction 

technique for unstable crack propagation testing. 

 

An analytical model, based on [18], was used to obtain the fracture toughness from 

the unstable DENT specimen testing. Considering the specimen geometry in Figure 

3.2 (width 2𝑤, length 2𝑙, and initial cracks each of length 𝑎 ) for a 2D orthotropic 

laminate, the mode I energy release rate, 𝐺 , for a crack propagating perpendicular to 

the warp direction, 𝑥 , of the woven composite, under tensile displacement, 𝑢, is [129]: 

 

 𝐺 = 𝐾  (3.9) 

where the equivalent modulus is calculated using Eq. (3.6) and (3.7) for orthotropic 

materials. 

 

The stress intensity factor for the DENT geometry can be defined in terms of a 

characteristic size (here chosen to be half the specimen’s width), 𝑤, a nominal stress, 

𝜎 = 𝑃 2𝑤𝑡⁄  (where 𝑃 is the applied load, and 𝑡 is the specimen thickness), and a 

geometric correction factor, 𝜅: 

 

 𝐾 = 𝜎 √𝑤 𝜅 (3.10) 

 

The correction factor 𝜅 will depend on the material parameters (𝜆 and 𝜌), and on 

the specimens’ shape parameters (𝛼 = 𝑎/𝑤 and ξ = 𝑙/𝑤). The specimens tested in 

this work were manufactured from balanced woven laminates (𝜆 = 1). Moreover, by 
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scaling the specimen geometry (in this case maintaining 𝑙 = 3𝑤), ξ assumes a constant 

value, and κ can be obtained as a function of 𝛼 and 𝜌. Furthermore, as demonstrated 

by Catalanotti et al. [18], the obtained 𝜅 can be considered valid for ξ ≥ 3.  

 

  
Figure 3.2 – Double Edge Notch Tension (DENT) specimen. 

 

 The correction factor 𝜅 was numerically determined by applying the Virtual 

Crack Closure Technique (VCCT) to a 2D quarter model of the DENT specimen 

(Figure 3.3), in the commercial FE software package Abaqus® [135]. This model 

represents an infinitely large specimen, and hence it assumes that the damage 

mechanisms that present themselves up to peak load are infinitesimally small and 

concentrated at the crack tip. This allows the specimen to be modelled as a 

homogenised material. Elastic properties were assigned to 4-node reduced integration 

elements (CPS4R). Using the VCCT formula for quadrilateral elements [136], the 

energy release rate was calculated as: 

 

 𝐺 = −
( )

 (3.11) 
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where 𝑍  is the load at the crack tip node 𝑖, and 𝑢  is the displacement of node 𝑗, both 

along the 𝑥  direction. The element length along the 𝑥  direction between nodes 𝑖 and 

𝑗 is 𝑙 , as shown in Figure 3.3.  

 

 
Figure 3.3 – 2D DENT quarter specimen finite element model for VCCT analysis. 

 

It is important to take note that since the 𝑅  is obtained as the asymptotic solution 

of the size effect law fit for an infinite size body [113], then the crack tip size becomes 

negligible for such a large body, and the geometric correction factor for the steady-

state fracture toughness should only be obtained from a slit crack VCCT solution. The 

inclusion of a non-zero pre-crack radius in the VCCT analysis would therefore be 

erroneous.  

 

 In order to further simplify the expression of the correction factor, and provide a 

general formulation that could be used with the majority of standard balanced woven 

CFRP, the concept of Trace Theory [137] was employed, which exploits the similarity 

of various composite systems available commercially. This theory uses the trace of the 
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stiffness matrix, which can be considered a material property, since it is a scalar sum 

of other properties, to normalise the individual components of this same matrix. 

Although the value of the trace differs between materials, it was found that the trace-

normalised stiffness factors were very similar. 

 

 Table 3.1 lists the elastic properties of the most popular 2D woven composite 

materials, including the trace of the plane stiffness matrix, tr(𝑄), the equivalent 

modulus in plane stress, 𝐸, the two dimensionless parameters that take into account 

the orthotropy of the material, 𝜆 and 𝜌, and the normalised values (with respect to the 

trace) of the equivalent modulus, 𝐸∗, and elastic modulus, 𝐸∗ , respectively. Trace 

Theory shows that the trace-normalised values of the elastic properties of the evaluated 

materials are constant. Consequently,  𝜆 and 𝜌 should not change for a given class of 

material systems. For 2D woven CFRP composites, it was observed that the 

normalised values of the equivalent and elastic moduli could be considered constants 

(because of the very small coefficient of variation, CV%) but the parameter 𝜌 changes 

substantially (CV%= 13.7). The 95% confidence interval for 𝜌 was found to be: 6.2 ≤

𝜌 ≤ 8.3. The variation in κ in the range 6.2 ≤ 𝜌 ≤ 8.3 was found to be insignificant, 

with less than 1% change in the range 0 ≤ 𝛼 ≤ 1, as shown in Figure 3.4.  

 

  

Figure 3.4 – Geometric correction factor variation with material orthotropy. 
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Table 3.1 - Elastic and orthotropic properties for commercially available and tested 2D woven CFRP composite 

materials. 

M1 (Material 1) is a Gurit SE 84LV-RC200T. The shear modulus was obtained from ASTM D7078 [13] standard 

tests. M2 (Material 2) is a 2D woven toughened epoxy resin system with intermediate modulus carbon fibres. 

Elastic properties were obtained from testing conducted according to ASTM D3039 [11] and ASTM D7078 [13] 

standards. M3 is a Tencate TC250-HTS40 12k Plain weave; M4 is a Cytec EP2202-T650 3k Plain weave; M5 is a 

Cytec 5320-1-T650 3k Plain weave; M6 is a Hexcel 8552-AS4 3k Plain weave.  

 

Thus, 𝜅  can be considered to depend solely on the shape parameter 𝛼, and is 

calculated to be equal to:  

 

 𝜅 = tan  (1.4295 − 0.0374 𝛼) (3.12) 

 

This function was obtained using a nonlinear least-squares curve fitting of the 

VCCT data, using Matlab®. Thus, the energy release rate reads: 

 

 𝐺 = 𝑤 𝜎  𝜅  (3.13) 

 

Making use of the previous observation, that 𝐸∗ and 𝐸∗  can both be considered 

constant, Eq. (3.13) can also be rewritten as: 

 

 𝐺 =
∗

 ∗
 𝑤 𝜎  𝜅 =

 
 𝑤 𝜎  𝜅  (3.14) 

Material 
𝐸  

[GPa] 

𝐸  

[GPa] 

𝐺  

[GPa] 

𝑣  

 [-] 

tr(𝑄) 

[GPa] 

𝐸 

[GPa] 

𝜆   

[-] 

𝜌 

[-] 

𝐸∗  

[-] 

𝐸∗  

[-] 

M1 [138] 60.6 61.6 5.01 0.042 132.4 32.4 0.98 6.06 0.24 0.46 

M2 62.6 62.0 3.69 0.030 132.1 28.8 1 8.59 0.22 0.47 

M3 [139]  59.7 59.2 3.58 0.039 126.2 27.7 1 8.25 0.22 0.47 

M4 [140] 63.7 64.4 4.45 0.053 137.4 31.7 0.99 7.14 0.23 0.46 

M5 [141] 68.9 68.5 5.07 0.053 147.9 35.0 1 6.72 0.24 0.47 

M6 [142] 66.1 66.6 4.96 0.046 142.9 33.9 0.99 6.63 0.24 0.46 

 

      

Mean 

SD 

CV% 

7.23 

0.99 

13.7 

0.23 

0.01 

4.6 

0.47 

0.006 

1.4 
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where 𝐸∗ 𝐸∗⁄ = 0.47/0.23 ≈ 2 (see Table 3.1). 

 

Equations (3.12) and (3.14) are particularly important because they avoid the need 

to recalculate 𝜅 for 2D woven CFRP materials, eliminating the requirement of FE 

modelling in the data reduction, and making it possible to calculate the energy release 

rate knowing only the elastic modulus in the longitudinal direction. Since the 

correction factor 𝜅 increases monotonically with crack extension (positive geometry 

specimen [113]), unstable fracture for each specimen occurs at some peak load, 𝑃 . 

The corresponding nominal stress and peak load varies with specimen size according 

to a size effect law, 𝜎  = 𝜎  (𝑤).  

 

 This size effect law can be obtained by using one of the regression fits 

recommended by Bažant and Planas [113]. These size effect laws, derived for finite 

size specimens, capture the deviation of small specimens from LEFM, while providing 

the asymptotic LEFM solutions for an infinite body, for the steady-state fracture 

toughness, 𝑅 , and the critical effective crack tip extension with a semi-infinite crack, 

𝑐  [113]. This 𝑐  refers to the effective crack tip propagation required for the full 

development of the fracture process zone around the crack, at which point the 

propagation becomes self-similar. The 𝑅  value is thus reached once the effective 

crack length exceeds 𝑐 . Furthermore, this 𝑐  value is proportional to the fully 

developed length of the fracture process zone, 𝑙 , in itself an intrinsic material 

parameter, which is calculated by the following relationship [113]: 

 

 𝑙 =
 

   (3.15) 

 

where 𝜂 is a material parameter that depends on the softening behaviour of the 

quasibrittle material. Table 3.2 presents these regressions, with corresponding 

formulas. 
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Table 3.2 – Size effect law regression fits. 

where 𝜅 = 𝜅|  and 𝜅 = 𝜕𝜅/𝜕𝛼|  

 

The energy release rate at peak load, 𝐺 , for each specimen size, is tangential to 

the 𝑅-curve at a unique point, as shown in Figure 3.5. Thus the R-curve can be obtained 

as an envelope of the critical driving force curves of different sized specimens, by 

solving the following set of equations: 

 

 

𝐺 (𝛥𝑎) = 𝑅(𝛥𝑎)
 

( )
=

( )
 (3.16) 

 

Substituting the size effect law into the first of Eq. (3.16), a new equation is 

obtained for the material’s R-curve, which is valid for all the tested specimen sizes.  

 

 𝑅(𝛥𝑎) =
É

𝑤 𝜎  𝜅 (𝛼 + )  (3.17) 

                                                      

By assuming fixed shape parameters, including the initial crack length ratio 𝛼 , 

and recalling that the 𝑅-curve is a material parameter independent of specimen width 

(𝜕𝑅/𝜕𝑤 = 0) [113], differentiating Eq. (3.17), giving: 

 

 (𝑤 𝜎  𝜅 ) = 0 (3.18) 

 

Solving Eq. (3.18) for 𝑤 = 𝑤(𝛥𝑎), and substituting 𝑤 back in Eq. (3.17), the 

𝑅(𝛥𝑎)-curve is obtained. In practice, data points along the rising portion of the R-

Regression fit Formula 
Fitting 

parameters 
𝑐  𝑅  

Bilogarithmic ln 𝜎 = ln
𝑀

√𝑁 + 𝑤
 𝑀, 𝑁 

𝜅

2𝜅
𝑁 𝜅

𝐸
𝑀  

Linear 

regression I 

1

𝜎
= �̅� 𝑤 + 𝐶̅ �̅�, 𝐶̅ 

𝜅

2𝜅

𝐶̅

�̅�
 

𝜅

𝐸

1

�̅�
 

Linear 

regression II 

1

𝑤𝜎
= 𝐴

1

𝑤
+ 𝐶 𝐴, 𝐶 

𝜅

2𝜅

𝐴

𝐶
 

𝜅

𝐸

1

𝐶
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curve can be derived by drawing the critical energy release rate curves of two very 

close-sized specimens, and finding the point when the difference between the curves 

is at its minimum. This will equate to the point of tangency of the critical energy release 

rate curve for that specimen size with the R-curve of the material. 

 

 
Figure 3.5 – R-curve as an envelope of peak load driving force curves for geometrically scaled specimens, 

including points of tangency. 

 

 The entire data reduction technique for this size effect methodology was 

implemented in Matlab®, allowing for a very quick calculation of the material R-curve 

by simply feeding it an Excel sheet consisting of the load-displacement responses of 

the tested specimens, and their measured dimensions. This is far more efficient and 

objective than any of the data reduction techniques available for stable tests. 

 

3.3 Materials and test specimens 

Two 2D woven CFRP material systems were used to produce the required specimens: 

1. Material 1 – 3k 2x2 Twill weave 

i. [0°]12 12-ply laminate, nominal thickness of 2.75 mm. 

ii. [0°]16 16-ply laminate, nominal thickness of 3.7 mm. 

2. Material 2 – 6k 5-Harness-Satin (5HS) weave 

iii. [0°]8 8-ply laminate, nominal thickness of 2.55 mm. 

iv. [0°]12 12-ply laminate, nominal thickness of 3.85 mm. 
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The laminates were cured in an autoclave following the respective cure cycles 

recommended by the manufacturers, and the specimens were subsequently CNC 

milled using 2 mm diamond coated cutters. The thinner laminates from each material 

system were used to produce the DENT specimens, while the CT specimens were cut 

from the thicker laminates. The 10 mm long pre-cracks of the CT specimens were cut 

using a sharp blade, 0.3 mm thick. The CT specimens for Material 2 also included a 

groove on either side of the specimen’s pre-crack and crack propagation direction, to 

ensure that crack propagation occurred before the onset of back-end failure [143]. The 

grooves were machined using a 90° v-shaped milling cutter. The base and grooved CT 

geometries are shown in Figure 3.6. A single side of each specimen was spray-coated 

with a thin layer of white paint, to facilitate the crack length measurement. Three CT 

specimens were tested for each material.  

 

Two kinds of pre-cracks were tested for the DENT geometry, one cut using a 1 

mm milling cutter for the blunt pre-cracks, and the other with the 0.3 mm thick blade 

for the sharp pre-cracks. Hereon, the DENT specimens with sharp pre-cracks will be 

referred to as Double Edge Crack Tension (DECT). The base DENT specimen 

geometry is shown in Figure 3.7. Table 3.3 lists all the tested sizes of scaled DENT 

and DECT geometries. The number of tested specimens for each material, size, and 

pre-crack radius is listed in Table 3.4. 

 

 

 

Figure 3.6 – (a) CT specimen, and (b) grooved CT specimen geometries. 
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Figure 3.7 – DENT specimen geometry, including the 2 different tested pre-crack radii. 

 

Table 3.3 – DENT/DECT tested specimen geometries. 

 

3.4 Test setup and experimental results 

3.4.1 CT results 

The CT specimens were tested with a crosshead displacement of 1 mm/min in a 

Hounsfield tensile testing machine with a 50 kN load cell. An LVDT was used to 

record the displacement between the two loading pins, while the crack length 

increments were recorded optically. Figure 3.8 shows the crack progression for a 

typical CT specimen test of Material 1. The load displacement curves obtained for 

Material 1 were characterised by few distinct load drops, accompanied by significant 

crack length increments. When using the area method data reduction scheme, two load 

peaks are required for each data point, so that these results could only provide a 

maximum of two fracture toughness values per specimen (3 load peaks). Such results 

Specimen label 2𝑤 [mm] 2𝑙 [mm] 𝑎  [mm] 

10 10 30 2.5 

15 15 45 3.75 

20 20 60 5 

25 25 75 6.25 

30 30 90 7.5 
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are typical of brittle materials, as evidenced by a small overall fracture process zone 

around the crack, where little fibre pull-out and fibre bridging effects were observed 

during crack propagation. Initially, Material 2 was also tested using the base CT 

geometry. However, as depicted in Figure 3.9, back-end failure occurred after the 

initial load drop, with only a few millimetres of crack propagation. Thus, results of 

these specimens had to be omitted. The design was modified to include a groove along 

the pre-crack and ligament, measuring 25 mm. The reduced nominal cross-section of 

1.5 mm successfully mitigated back-end failure until the crack had propagated by 12 

– 15 mm, with around four load peaks per specimen. The failure of a typical grooved 

CT specimen of Material 2 is shown in Figure 3.10, where the crack is assumed to 

propagate between the tips of the two grooves (verified by qualitative observation). 

This assumption is as subjective as the optical crack length measurement used in all 

CT experiments. The few and distinct load drops observed with both materials did not 

allow for many fracture toughness data points to be obtained. Admittedly, heavier and 

more rigid grips could have possibly improved these CT results, by reducing the 

instability that occurs at the load drops [108]. However, such grips were not available 

at the time of testing. The crack length measurement, identified as the crack tip in the 

painted surface, proved hard to measure for all the different CT specimens. 

 

 
Figure 3.8 – Material 1 CT test: (a) before initial crack propagation; (b) after initial propagation; (c) at 

intermediate propagation; (d) at end of test after final propagation. 
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Figure 3.9 – Material 2 CT test: (a) before initial crack propagation; (b) after initial propagation; (c) after initial 

back-end failure; (d) at end of test. 

 

 
Figure 3.10 – Material 2 Grooved CT test: (a) before initial crack propagation; (b) after initial propagation; (c) at 

intermediate propagation; (d) at end of test after initial back-end failure. 

 

3.4.2 DENT/DECT results 

The DENT and DECT specimens were tested at a speed of 1 mm/min in a Zwick 

Roell Z100 tensile testing machine with a 100 kN load cell. The peak nominal stresses 

obtained for each set of specimens are listed Table 3.4. Figure 3.11 shows different 

sizes of DENT specimens for Material 2, while Figure 3.12 shows the fractured 
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ligaments of the same specimens post-testing. No evident difference was noted 

visually between the fractured DECT and DENT specimens of each material, as shown 

in Figure 3.13, except that Material 1 had less visible damage around the fractured 

ligament when compared to Material 2. 

 

Table 3.4 – DENT/DECT average peak nominal stress, 𝜎  (in MPa), and its standard deviation (in () brackets), and 

the number of tested specimens in each set (in {} brackets). 

 

The difference in peak nominal stress between DENT and DECT specimens is 

also sufficiently small for both materials, when compared with the scatter in results. 

The variation in each size set was found to be greater for the DECT specimens, 

especially for Material 2, where the observed peak nominal stresses were higher than 

those of Material 1. This larger variation could be attributed to the decreased geometric 

accuracy in the length of the manually cut sharp pre-cracks. Considering the nominal 

widths of the specimens, a ±0.5 mm difference in pre-crack length could result in a 

significant margin of error in 𝛼  values, especially for the smaller specimens. This 

would introduce subsequent errors in the size effect law calculation, where the scaled 

specimens require equal 𝛼  values. However, the machining tolerances achievable 

using industrial CNC milling machines is quite high, usually within the range of ±0.01 

mm, so that the error in pre-crack lengths is not significant. 

Specimen label 10 15 20 25 30 

Material 1      

DECT 
268 (3) 

{3} 

190 (10) 

{3} 

166 (11) 

{3} 

165 (5) 

{3} 

144 (9) 

{3} 

      

DENT 
262 (7) 

{3} 

225 (10) 

{3} 

180 (6) 

{3} 

172 (11) 

{3} 

145 (3) 

{3} 

      

Material 2      

DECT 
412 (20) 

{8} 

357 (28) 

{8} 

311 (7) 

{6} 

302 (33) 

{7} 

294 (12) 

{6} 

      

DENT 
431 (14) 

{8} 

372 (12) 

{9} 

324 (14) 

{7} 

299 (14) 

{6} 

290 (19) 

{6} 
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Figure 3.11 – Untested DENT specimens for Material 2 (all sizes). 

 

 
Figure 3.12 – Fractured DENT specimens for Material 2 (all sizes). 

 

 
Figure 3.13 – DECT (right) and DENT (left) specimens: untested (a); tested Material 1 (b); tested Material 2 (c). 
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Using the values in Table 3.4, a nonlinear least-squares Levenberg-Marquardt 

method was used to fit the bilogarithmic size effect regression, while a linear fit was 

used for the other two regressions, including their 95% confidence intervals. The 

bilogarithmic regression gave the best fit for the DECT and DENT data of both 

materials. The best fit was chosen by comparing the adjusted R-square values of the 

three fits. The size effect fits for Material 1 and Material 2 are shown in Figure 3.14 

and Figure 3.15 respectively. 

 

 

Figure 3.14 – Size effect laws – Bilogarithmic fit for (a) DECT and (b) DENT specimens for Material 1. 

 

 
Figure 3.15 – Size effect laws – Bilogarithmic fit for (a) DECT and (b) DENT specimens for Material 2. 

 

3.4.3 Mode I intralaminar fracture toughness results 

The fracture toughness results obtained from the DECT and DENT experiments 

are presented for each material, in Figure 3.16 and Figure 3.17. The 𝐺 (𝛥𝑎) curves, 
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numerically derived for different specimen sizes (in blue), including those specific to 

the experimentally tested sizes (in red), were used to obtain each of the 𝑅-curves. The 

95% confidence interval of each 𝑅-curve was obtained by substituting the 95% 

confidence limits of the size effect laws into the 𝐺 (𝛥𝑎) equation and obtaining new 

𝑅-curve envelopes. The bilogarithmic size effect fitting coefficients (𝑀, 𝑁), 𝑐  and 𝑅  

for each material are listed in Table 3.5. The 𝑅–curves for both materials show that 

there is no significant difference between the DECT and DENT specimens, since their 

values fall within the confidence limits of the other. Each material’s DECT and DENT 

results are also compared with the data points obtained from CT tests in Figure 3.18. 

These plots show an agreement in the 𝑅  obtained from stable and unstable crack 

propagation techniques, with the CT data points falling within the confidence intervals 

of the size effect test results. These plots also show a lack of CT data around the rising 

part of the 𝑅-curve, unlike the results of the DECT and DENT tests which better 

capture the development of the fracture process zone. The average 𝑅  values obtained 

from CT specimens are also listed in Table 3.5. 

 

The relatively brittle behaviour of Material 1 can be observed from both the nature 

of the 𝑅–curves (very short 𝑐 ), and from the few CT data points, all occurring at large 

𝛥𝑎 values. The 𝑅  value is also significantly lower than the one of Material 2, and 

other 𝑅  values observed in literature for similar materials [18]. In fact, since all the 

𝐺 (𝛥𝑎) curves for the tested specimens of Material 1 are tangential to the 𝑅–curve at 

the plateau region, it was concluded that at this length scale, this composite can be 

considered to follow a Linear Elastic Fracture Mechanics (LEFM) behaviour limit for 

perfectly brittle materials [113]. The almost negligible value of 𝑐  for this material 

conflicts with the assumption made by Catalanotti et al. [18], formulated while testing 

UD cross-ply laminates, of a sharp crack tip at peak load. 

 

For Material 2, a tougher response was observed in both stable and unstable test 

regimes. This was corroborated with a higher 𝑅  value and a longer 𝑐  than those of 

Material 1. This notable difference in fracture toughness between the tested materials 

is suspected to be a result of the differences in fibre strength, matrix toughness, and 

the fibre-matrix interface, while the different weave architecture could play a minor 

role. Some of the CT data for Material 2 falls slightly outside of the DENT confidence 
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intervals. However, the CT data points are highly sensitive to the measured crack 

lengths. Locating the exact tip of a crack in a specimen’s painted surface is not an 

effective and objective method for measuring the effective crack length. The 

aforementioned methods that provide a more accurate determination of the crack tip 

position, such as DIC [125], have not been pursued in the knowledge that industry is 

seeking quicker and more straight-forward approaches. Furthermore, theoretically, 

during the crack propagation in such composite materials, especially those with a 

woven reinforcement, the concept of a single crack tip is an approximation, since, in 

reality, crack propagation in each ply may be self-similar, and may involve multiple 

failure mechanisms along various constituent surfaces.  

 

Table 3.5 – Steady-state fracture toughness (𝑅 ), critical crack extension (𝑐 ), and size effect fitting coefficients 

(𝑀, 𝑁). 

 

 
Figure 3.16 – 𝑅-curves (in black) with 95% confidence limits (in dashed black) for (a) DECT and (b) DENT 

specimens for Material 1. 

 M [MPa√mm] 𝑁 [mm] 𝑐  [mm] 𝑅  [kJ/m ] 

Material 1     

DECT 556.2 1x10-5 4x10-6 19.0 

DENT 587.7 5.97x10-4 1.93x10-4 21.2 

CT - - - 28.9 

     

Material 2     

DECT 1259.0 4.77 1.54 108.7 

DENT 1184.4 2.67 0.86 96.2 

CT - - - 111.5 



3. Mode I intralaminar fracture toughness characterisation 

50 
 

 
Figure 3.17 – 𝑅-curves (in black) with 95% confidence limits (in dashed black) for (a) DECT and (b) DENT 

specimens for Material 2. 

 

 
Figure 3.18 – R-curves with 95% confidence limits from DECT/DENT, and CT data, for (a) Material 1, and (b) 

Material 2. 

 

3.5 Numerical study of the pre-crack tip radius effect on a DENT 

specimen using an embedded cell FE model 

A FE model of a DENT specimen (2𝑤 = 20 mm) was generated in the software 

package Abaqus® [135], with the purpose of numerically analysing the effect of pre-

crack tip radius on the peak load. The fracture morphology is also of interest, since it 

involves the longitudinal and transverse fracture of tows, and the degradation of the 

epoxy matrix.  

 

The model, based on the work of Varandas et al. [144], consists of an embedded 

cell (EC) model, including an eight-ply stack plain weave along the ligament of the 
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DENT specimen, surrounded by a homogenised mesoscale (ply-level) volume for the 

rest of the specimen (see Figure 3.19).  The homogenised volume is intended to 

represent the mesoscopic elastic behaviour of the specimen, thus helping to reduce 

computational cost. The finite element model as well as the constitutive material 

models are briefly described in the following sections. 

 

 
Figure 3.19 – FE model including the embedded cell and homogenised volume, with the applied BCs. 

 

3.5.1 Finite element model  

The total length, width and thickness of the computational model was 2𝑙 =

60 mm, 2𝑤 = 20 mm and 𝑡 = 3.2 mm, respectively. The eight-ply stack EC had a 

width of 𝑊 = 10 mm and a total length of approximately 𝐿 = 5 mm. The width 

of a compacted tow was 𝑊 = 2.2 mm. The EC consisted of pre-compacted tows 

embedded in an epoxy matrix. The tow compaction was performed in a prior 

simulation, to obtain a more realistic representation of a cured laminate, as shown in 

Figure 3.20. Since the scope of this analysis was to analyse the crack propagation 

inside each tow rather than to compare the propagation in different weave patterns, a 

plain weave pattern was modelled for the tows, due to its simplicity.  
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Figure 3.20 – EC displayed in an isometric view (left) and in a front view highlighting the weave pattern (right). 

 

Figure 3.19 shows the complete FE model, subjected to the appropriate Boundary 

Conditions (BCs). The homogenised volume of the model was generated by offsetting 

the elements with one-hundred solid layers at the EC’s boundaries, through orphan 

mesh capabilities. To represent the model’s geometry, three-dimensional tetrahedral 

continuum solid elements (C3D4) were used to represent the matrix in between the 

EC’s tows, while three-dimensional reduced integration linear brick elements 

(C3D8R) were used to discretise the tows and the homogenised volume. The average 

element size for the homogenous volume, tows and matrix was around 0.03 mm. Two 

FE models were generated, including geometric pre-cracks similar to the 

experimentally tested DENT and DECT specimens, with 𝑟 = 0.5 mm and 𝑟 = 0.15 

mm respectively. The tips of each pre-crack were located in the ECs, created by the 

removal of elements. The  𝛼 = 0.5 ratio was maintained, with pre-cracks each having 

a length of 5 mm. A comparison of the two models’ pre-cracks are shown in Figure 

3.21. 

 

3.5.2 Constitutive material models 

An orthotropic linear elastic constitutive model was used to simulate the 

homogenised volume, since this part of the specimen would remain within the elastic 

limit behaviour throughout the specimen test. Thus, no material nonlinearity or 

damage behaviour was considered in this volume. 
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Figure 3.21 – Representation of the pre-crack tip within the EC, 𝑟 = 0.15 mm (top) and 𝑟 = 0.5 mm (bottom). 

 

The epoxy matrix in the RUC was modelled using the elastic-plastic constitutive 

damage model proposed by Melro et al. [145], and was implemented as a VUMAT 

subroutine in Abaqus® [135]. The initial behaviour was linear elastic. A paraboloidal 

stress yield criterion was defined, as proposed by Tschoegl [146], and used together 

with a non-associative flow rule. A thermodynamically-consistent isotropic damage 

model was used, defined by a single damage variable, with a damage activation 

function, similar to the paraboloidal yield criterion, used to identify damage onset. 

However, this activation function uses the compressive and tensile strengths of the 

epoxy matrix, instead of the yield strengths and the concept of an effective stress 

tensor, i.e. the stress tensor calculated using the undamaged stiffness tensor. Mesh size 

dependency was avoided through the implementation of Bažant and Oh's crack band 

model [147], which uses the individual characteristic element length and the mode I 

fracture toughness of the epoxy, 𝐺 , to regularise the computed dissipated energy. It 

was implemented along with the definition of a damage evolution law [145]. For more 

details, the reader is referred to [145,148]. 

 

The tows were modelled using a transversely isotropic intralaminar damage model 

developed by the Advanced Composites Research Group (ACRG) at Queen's 
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University Belfast [9,24,89,149]. Faggiani and Falzon [149] combined Continuous 

Damage Mechanics (CDM) with the appropriate damage initiation criteria to produce 

a response model that is suitable for simulating impact damage on UD composite 

panels. For simulating the materials’ crush response, i.e. a complex loading state with 

several damage interactions, additional features and/or modifications to the initial 

model were made to account for load reversal, stiffness degradation, capturing the in-

situ effect [150], element objectivity [24], element deletion criteria [89] and non-linear 

shear behaviour [9]. For more details, the reader is referred to [9,24,89,149,151].  

 

 Since this comparative numerical analysis was only performed to assess the effect 

of pre-crack tip radius, the input values of the mechanical properties used to model 

each part of the FE model should have little influence in the simulations’ outcome. 

Elastic and strength properties used to model the epoxy matrix and tows were assumed 

to be the ones obtained by Melro et al. [152], and are represented in Table 3.6 and 

Table 3.7 respectively. The elastic properties of the homogenised part are reported in 

Table 3.1 for Material 2. 

 

Table 3.6 – Epoxy matrix material properties. 

 

 

 

 

 

 

 

 

Mechanical property Epoxy matrix 

Elastic modulus E = 3760 MPa 

Poisson’s ratio v = 0.39 

Tensile strength X = 93 MPa 

Compressive strength X = 180 MPa 

Mode I fracture toughness G = 0.09 kJ/m  
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Table 3.7 – Tow mechanical properties. 

a Estimated 

 

The numerical simulations were conducted using the FE solver Abaqus®/Explicit 

[135]. In order to avoid numerical errors due to excessive element distortion, damaged 

elements were removed throughout the simulations, through the following strategy 

[89]: 

 

Delete element if  =
𝑑 > 0.99

𝑑 ( / ) > 0.99

det 𝑭 ≤ 0.5 ∨ det 𝑭 ≥ 3

, 

 

where 𝑑  is the matrix damage variable, 𝑑 ( / ) is the fibre-dominated longitudinal 

damage variable of the tows (for tension or compression), and det 𝑭 yields the ratio of 

Mechanical property Tows 

Elastic moduli 
E = 138.9 GPa;  

E = E = 9.38 GPa  

Poisson’s ratios ν = ν = 0.245; ν = 0.350 

In-plane shear modulus G = 5,080 MPa 

Longitudinal tensile strength X = 2,057 MPa 

Longitudinal compressive strength X = 1,200 MPaa 

Transverse tensile strength  Y = 68 MPa 

Transverse compressive strength Y = 123 MPa 

Shear strengths 
S = S = 48 MPa  

S = 39 MPa 

Mode I longitudinal intralaminar fracture 

toughness 
G = 101.5  kJ/m  [18] 

Compressive longitudinal intralaminar 

fracture toughness 
G = 61  kJ/m  [116] 

Mode I transverse intralaminar fracture 

toughness 
G = 0.2  kJ/m a 

Compressive transverse intralaminar 

fracture toughness 
G = 0.4  kJ/m a 

Mode II intralaminar fracture toughness G = G = G = 0.4  kJ/m a 
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an element’s deformed volume, 𝑉, to its undeformed volume, 𝑉 : det 𝑭 = 𝑉 𝑉⁄ . 

Variable mass scaling was selectively applied throughout the simulations to the 

smallest elements, to reduce the computational time. A quasi-static response was 

maintained by ensuring that the kinetic energy remained well below 5% of the internal 

energy of each model. 
 

3.5.3 Numerical predictions and discussion 

 Figure 3.22(a) shows quantitative numerical predictions of the nominal stress-

displacement curves obtained for the two DENT models with differing pre-crack radii, 

with four indicated points (A-D), associated with the corresponding representations of 

Figure 3.22(b). The quantitative predictions are normalised since they are only meant 

to be compared with each other. The actual stress magnitudes are not equal to those 

observed experimentally, since the material properties are different.  

 

 The first three contour plots present the fibre tensile damage variable of the tows, 

while the fourth plot shows the deformed shape of the tows after the occurrence of 

numerical instabilities beyond peak load. For the sake of brevity, these contour plots 

only represent the tows within the EC of the model with 𝑟 = 0.5 mm. The ordinate 

value of the plot in Figure 3.22(a) represents the ratio of the nominal stress and the 

maximum nominal stress of the two curves. The four points identified in this curve 

represent: (A) no fibre damage in the tows; (B) initial crack propagation, identified 

from the deletion of some elements at the pre-crack tip; (C) peak load showing 

substantial fibre damage; (D) mode I unstable crack band propagation.  

 

 Despite results showing a marginally higher peak nominal stress for the bigger 

pre-crack tip radius model (< 1% higher), the difference between the two models falls 

within the observed scatter of experimental results. Thus, the quantitative results of 

this study agree with the experimental observations. Figure 3.23 presents a qualitative 

comparison of the crack bands developed after peak load, for both models. The fracture 

surfaces through the tows are not representative of a pure slit, but a crack band, and 

are quite comparable between the two models. The initiation of such a crack band helps 

explain the pre-crack tip radius insensitivity observed in the unstable experiments of 



3. Mode I intralaminar fracture toughness characterisation 

57 
 

Material 1, even considering its small 𝑐 . The assumption of a sharp crack tip at peak 

load would only justify the pre-crack tip radius insensitivity observed for Material 2. 

 

Due to the qualitative and quantitative consistency observed both experimentally 

and numerically, the DECT and DENT specimens with the tested pre-crack radii can 

be used interchangeably in obtaining the fracture toughness of 2D woven composites. 

These results cannot be extended to other material configurations (such as UD), or for 

larger pre-crack radii, without further experimental justification.  

 

 

 
Figure 3.22 – Normalised nominal stress – displacement curves for the DENT FE models (a), and corresponding 

fibre tensile damage progression and final crack propagation through the EC volume (b). 
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Figure 3.23 – Qualitative comparison of the crack bands developed after peak load, from the FE simulations with 

𝑟 = 0.15 mm (top) and 𝑟 = 0.5 mm (bottom). 

 

3.6 Comparative discussion on stable and unstable crack propagation 

techniques 

 The experimental results for both tested materials, from both stable and unstable 

techniques, converged to similar steady-state mode I intralaminar fracture toughness 

values. Since this 𝑅  value, being the typical input value for most state-of-the-art 

composite intralaminar damage models, was the main objective of these experiments, 

the two methodologies can both be considered valid for such measurements.  

 

 With the aim of standardising such experiments, consideration was given to the 

material costs and total time (including preparation, testing and data reduction), their 

applicability to different composite material systems, objectivity, completeness of 

results, and eventual applicability to a wider spectrum of testing strain rates.  
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Comparatively, the cost of material for each test is quite insignificant, since 

relatively similar quantities are required. For manufacturing, both specimens are easy 

to cut using automated processes. However, by using small milled pre-cracks, DENT 

specimens can eliminate the need of manual or particularly expensive manufacturing 

processes, while increasing the accuracy of the pre-crack lengths. Unstable testing 

used in combination with the size effect method only requires the peak load 

measurement, which is significantly simpler than setting up displacement and crack 

length measurement devices (LVDT, camera) for stable testing. The time required for 

data reduction can be significant for both methods. However, by using Eq. (3.12) for 

the geometric correction factor, and Eq. (3.14) for the energy release rate of 2D woven 

composites, the derivation of the size effect fitting and 𝑅-curve envelope can be 

automated, allowing the unstable method’s data reduction to become significantly less 

time consuming. Since stable propagation methods require crack length increments to 

be noted from visual data, and correlated to respective load drops, the data reduction 

for such methods are harder to automate.  

 

Multiple material systems with a range of fracture toughness values have been 

tested using both methodologies. However, toughened materials have necessitated 

several modifications for stable specimen geometries, such as the grooved CT used 

here for Material 2. The only variation in specimen geometry required by the unstable 

method would be to include larger specimen sizes for materials with significantly 

higher fracture toughness. The objectivity of stable techniques all rests on the crack 

length measurement, as already discussed in section 3.3.4.3.  

 

The results obtained from both techniques, although in agreement on 𝑅 , do not 

provide equal levels of information about the development and propagation of a 

material’s fracture process zone (i.e. the 𝑅-curve). While the use of stiff and heavy 

grips could enable more data points to be derived from stable testing, the unstable 

technique derives the complete 𝑅-curve envelope while using standard tensile grips.  
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3.7 Conclusions 

After comparing the experimental results obtained for both stable and unstable 

crack propagation techniques, and taking into account the qualitative and quantitative 

observations of the numerical studies for the pre-crack tip radius sensitivity of unstable 

specimens, the following conclusions are drawn: 

 

 Unstable DENT specimens of 2D woven CFRP composites have been 

experimentally and numerically shown to possess a certain pre-crack tip radius 

insensitivity, within the tested radii (0.15 ≤ 𝑟 ≤ 0.5 mm), as theoretically 

suggested by Catalanotti et al. [18]. This insensitivity is useful in simplifying 

the manufacturing process of pre-cracks for such specimens. The use of 

automated machining will allow for an improved accuracy of the pre-crack 

length, reducing the experimental scatter in results.  

 

 Both stable and unstable methodologies provide similar values for the steady-

state mode I intralaminar fracture toughness of 2D woven composites. 

However, size effect testing of unstable geometries can provide a more 

comprehensive description of the development of a fracture process zone 

around a crack tip, by virtue of a size-independent 𝑅-curve, with the use of 

standard tensile experimental grips. Furthermore, the required geometric 

modifications necessary to delay undesired failure modes in CT specimens of 

toughened CFRP composites can act as a deterrent towards this specimen’s 

eventual standardisation. 

 

 The unstable crack propagation techniques exhibit numerous significant 

advantages over their stable counterparts. These include easier specimen 

manufacturing (automated pre-crack machining), simpler testing procedures 

(which only require a peak load), with a faster and more objective data 

reduction scheme which has been automated in Matlab®. Furthermore, the data 

reduction scheme presented here has been further developed from that in [18], 

and is now applicable to most commercially available 2D woven composites 

without the need of any material orthotropy corrections, through the use of 

Trace Theory. 
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This study has built on and expanded the original work of Catalanotti et al. [18], 

to demonstrate the potential of the unstable size effect test method to be standardised 

for obtaining the mode I intralaminar fracture toughness of 2D woven composites. This 

experimental method can be extended to similarly obtain intralaminar fracture 

toughness values for other failure modes, over a range of strain rates. Further 

standardisation of such methods would enable the aerospace and automotive industries 

to adopt the state-of-the-art composite damage models currently being developed. 
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4. Compressive intralaminar fracture toughness and 

residual strength characterisation 

 

4.1 Introduction 

 Similar to the mode I intralaminar fracture toughness, there is no current standard 

methodology to measure its compressive counterpart. Furthermore, in compression, a 

residual crushing strength is reached after fracture propagation. This parameter is also 

required by some intralaminar composite damage models. In crush simulations, both 

the compressive fracture toughness and residual strength can play a significant role in 

the overall energy dissipation. 

 

This chapter follows on the previous one, focusing on the compressive intralaminar 

fracture toughness. It presents new developments in the use of the size effect method 

for obtaining the compressive fracture toughness of 2D woven carbon fibre 

composites. A modification of the Double Edge Notch Compression (DENC) 

specimen geometry is proposed, to fit the Combined Loading Compression (CLC) 

standard fixture, aimed at reducing peak load dispersion. The notch tip diameter 

sensitivity on the peak load is also investigated, experimentally and numerically, in a 

similar fashion to the study in the previous chapter. The use of the CLC fixture could 

also allow the residual compressive strength of the material to be measured after peak 

load. 

 

4.2 Data reduction 

4.2.1 Size effect method for compressive intralaminar fracture toughness 

Two specimen geometries were investigated (shown in Figure 4.1), and are hereon 

referred to as Double Edge Notch Compression (DENC) and Double Edge Notch 

Combined Loading Compression (DENCLC). The DENC specimens were edge-

loaded, similar to the experiments in literature [116]. DENCLC specimens included 

an additional fixed grip length on each side of the gauge section, to facilitate their use 

in a standard CLC fixture. An analytical model was used to calculate the compressive 

fracture toughness from these specimen geometries. Considering a nominal specimen 

geometry under compressive loading (Figure 4.2), the compressive energy release rate, 
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𝐺 , for a crack propagating perpendicular to the warp direction, 𝑥 , in a 2D orthotropic 

laminate is [129]: 

 

 𝐺 = 𝐾    (4.1) 

 

where 𝐾  is the compressive stress intensity factor. Under a state of plane stress, the 

equivalent modulus, 𝐸, is calculated as [18,129]: 

 

 𝐸 = 𝜆 / 𝐸 𝐸    where (4.2) 

 𝜆 =    𝜌 = − √𝑣 𝑣    (4.3) 

 

 
Figure 4.1 – DENC and DENCLC specimen geometries. 
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The compressive stress intensity factor is expressed as a function of a nominal 

stress, 𝜎, a characteristic size, 𝑤, and a dimensionless correction factor, 𝜅, 

 

 𝐾 = 𝜎 √𝑤 𝜅  (4.4) 

 

The characteristic size was here chosen to be half the total width (2𝑤) of each 

specimen. The nominal stress for a specimen of thickness 𝑡, was calculated as 𝜎 =

𝑃/(2𝑤𝑡). The correction factor 𝜅 depends on the orthotropy  of the laminate (𝜆, 𝜌), 

and on the geometrical parameters of the specimen (𝜉 = 𝑙/𝑤 and 𝛼 = 𝑎/𝑤). For the 

DENC specimens, the gauge length, 2𝑙, was scaled according to the fixed ratio of 𝜉 =

1.5, while the DENCLC gauge length was scaled with 𝜉 = 1. The shorter gauge length 

of the DENCLC specimens was a consequence of the dimension limitations imposed 

by the standard CLC fixture. The dimensionless ratio 𝛼 relates the crack length, 𝑎, to 

the width of the specimen. Its initial value, 𝛼 = 𝑎 /𝑤, was kept constant at 0.5 for 

all specimens. By maintaining a constant 𝜉, 𝜅 can be determined as a sole function of 

𝛼 and  𝜌. 

 

 
Figure 4.2 – Arbitrary DENC specimen geometry. 

 

This correction factor 𝜅 was determined numerically, as shown in the previous 

chapter. Similar to what has been presented in the previous chapter, the concept of 
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Trace Theory [137] was applied to the elastic compressive properties of several 

commercially available 2D woven CFRP materials. By exploiting their similarities, 

simplified general expressions were derived for the correction factor and the energy 

release rate, applicable to the majority of such balanced woven materials. A list of 

these material properties is found in Table 4.1, including the trace of the plane stiffness 

matrix, tr(𝑄), and two trace-normalised elastic properties: the equivalent modulus, 𝐸∗, 

and compressive modulus, 𝐸∗ . Trace Theory shows that the normalised compressive 

elastic properties have constant values. As a result, orthotropy parameters 𝜆 and 𝜌 

should also remain relatively unchanged for such materials. For the materials 

investigated, the normalised elastic properties were found to be constant, with a very 

small coefficient of variation, CV%. While 𝜆 was also found to be constant (𝜆 ≈ 1) 

for such balanced weaves, 𝜌 had a more significant variation, with a CV% of 14. For 

the investigated materials, the 95% confidence interval was found to be 5.8 ≤ 𝜌 ≤

7.8. 

 

Table 4.1 – Compressive elastic and orthotropic properties for commercially available and tested 2D woven CFRP 

composite materials. 

Material 
𝐸  

[GPa] 

𝐸  

[GPa] 

𝐺   

[GPa] 

𝑣  

[-] 

tr(𝑄) 

[GPa] 

𝐸 

[GPa] 

λ 

[-] 

𝜌 

[-] 

𝐸∗ 

[-] 

𝐸∗  

[-] 

M1 [138] 58.3 59.0 5.01 0.042 127.5 31.69 0.99 5.81 0.25 0.46 

M2 61.5 60.3 3.69 0.030 129.3 28.50 1.02 8.22 0.22 0.48 

M3[139] 55.3 55.4 3.58 0.039 118.0 26.56 1 7.68 0.23 0.47 

M4 [140] 59.2 59.3 4.45 0.053 127.7 30.39 1 6.60 0.24 0.46 

M5 [141] 64.6 61.2 5.07 0.053 136.3 33.70 1.06 6.15 0.25 0.47 

M6[142] 63.4 62.1 4.96 0.046 135.7 33.08 1.02 6.28 0.24 0.47 

      

Mean 

SD 

CV% 

1.02 

0.025 

2.5 

6.79 

0.949 

14.0 

0.237 

0.012 

5.0 

0.468 

0.007 

1.5 

Materials M1-M6 are the same as those listed in Table 3.1. The material used to make the specimens in this chapter 

is M2. The elastic properties of M2 were obtained from testing conducted according to ASTM D3039 [11] and 

ASTM D7078 [13] standards. 

 

The effect of a variation in 𝜌 on the correction factor 𝜅 was investigated for both 

DENC (𝜉 = 1.5) and DENCLC (𝜉 = 1) geometries (see Figure 4.3), for an average 

value of 𝜌 = 6.8. When considering this average value of 𝜌 (6.8) for the materials 

listed in Table 4.1, the variation in 𝜅 was found to be a maximum of 2.9%, within the 
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95% confidence interval 5.8 < 𝜌 < 7.8. This variation in 𝜅 due to 𝜌 would have been 

reduced to less than 1% if longer specimens (𝜉 > 3) had been used. However, using a 

high value of 𝜉 for specimens in compression would promote premature buckling. The 

𝜉 value of 1.5, and the range of sizes chosen for the DENC specimens, are equal to 

those already tested in literature [116,118]. In these works, specimens were cut from 

laminates with an equal thickness, and similar elastic properties, to those tested here. 

DIC and strain gauges were used to make sure there was no premature buckling. Thus, 

the chosen value of 𝜉 was deemed to be sufficiently small to avoid buckling. In the 

case of testing thinner laminates, or materials with lower elastic properties, specimens 

need to be monitored during tests, to confirm that buckling is still not present. 

 

 
Figure 4.3 – Correction factor, 𝜅, variation with specimen geometry and material orthotropy. 

  

Using the average orthotropy value of 𝜌 = 6.8, the generalised expressions for the 

correction factor of the two specimen geometries, obtained by nonlinear least-squares 

curve fitting, are: 

 

 𝜅 = tan (0.64 𝛼 − 0.69 𝛼 + 1.5)  for 𝜉 = 1.5, DENC (4.5) 

 

 𝜅 = tan (1.26 𝛼 − 1.27 𝛼 + 1.5)  for 𝜉 = 1, DENCLC (4.6) 
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The compressive energy release rate can therefore be expressed as: 

 

 𝐺 = 𝑤𝜎 𝜅 (𝛼)  (4.7) 

 

 Making use of the previous observations on the trace-normalised elastic 

properties, where 𝐸∗ and 𝐸∗  can be considered constant, Eq. (4.7) can be 

reformulated as: 

 

 𝐺 =
∗

 ∗
𝑤𝜎 𝜅 = 𝑤𝜎 𝜅   (4.8) 

 

where 𝐸∗ 𝐸∗⁄ = 0.468/0.237 ≈ 2 (see Table 4.1). The generalised expressions for 

the correction factor and energy release rate are particularly useful, helping avoid the 

need of recalculating 𝜅 (using VCCT) for other 2D woven CFRPs, thus simplifying 

the data reduction. 

 

 The nominal stress at peak load, 𝜎 , for varying specimen sizes, follows a size 

effect law, 𝜎 = 𝜎 (𝑤). This law captures the transition between the strength-limit 

behaviour of small specimens and the Linear Elastic Fracture Mechanics (LEFM) 

behaviour observed in larger structures, typical of quasibrittle composite materials 

[113]. This size effect law can be obtained through regression fitting of the 

experimental peak nominal stress values for the geometrically scaled specimens. For 

the tested material, a bilogarithmic regression law provided the best fit of the 

experimental data, using a nonlinear least-squares Levenberg-Marquardt optimisation, 

 

 ln 𝜎 = ln
√

  (4.9) 

 

where 𝑀 and 𝑁 are the fitting parameters. From this size effect law, asymptotic 

solutions (𝑤 → ∞) can be obtained for the steady-state compressive fracture 

toughness, 𝑅 , and its critical crack tip extension, 𝑐 , at which the fracture process 

zone becomes fully developed. Both these values are intrinsic material properties, and 

can be obtained as [113]: 
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 𝑅 = 𝑀  𝑐 = 𝑁  (4.10) 

 

The critical driving force curve at peak load, 𝐺 , is tangential to the crack 

resistance curve (R-curve) of the material. Furthermore, the 𝐺  of each different size 

specimen is tangential to the R-curve at a distinct point. This fact is used to determine 

the R-curve as an envelope of critical crack driving force curves, as a solution of the 

following set of equations, 

 

 

𝐺 (∆𝑎, 𝑤) = 𝑅(∆𝑎) 
.

(∆ , )
=

(∆ )
 

  (4.11) 

 

By substituting the size effect law into the first of Eq. (4.11), the R-curve can be 

reformulated as 

 

 𝑅(∆𝑎) = 𝑤𝜎 𝜅 (𝛼 +
∆

)  (4.12) 

  

 Assuming that the shape parameters of the specimens are constant, including 𝛼 , 

and recalling that the R-curve is an intrinsic material property independent of specimen 

size (𝜕𝑅(∆𝑎)/𝜕𝑤 = 0) , differentiating Eq. (4.12) with respect to 𝑤 gives 

 

 (𝑤𝜎 𝜅 ) = 0   (4.13) 

 

 Solving Eq. (4.13) for 𝑤 = 𝑤(∆𝑎), and substituting 𝑤 back in Eq. (4.12), the R-

curve can be obtained. 

 

4.2.2 Residual compressive strength 

According to Moran et al. [122], once the compressive strength in the fibre 

direction of the material is reached (𝑋 ), an initial kink-band is formed through 

localised fibre microbuckling, at which point the material response softens as the fibres 

in the kink-band rotate, up to the point where they lock up and break. This rotation 

lock up corresponds to a transition from linear material softening to a residual 
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compressive strength, 𝑋 , as depicted in Figure 4.4. Assuming that the observations 

of Moran are correct, this figure presents the compressive intralaminar fracture 

toughness (blue shaded area) as the energy dissipated between the stages of initial fibre 

micro-buckling and fibre breakage after lock up [153]. This definition of compressive 

fracture toughness was chosen since it constitutes a simple way of separating the 

fracture toughness associated with the kink band formation from the crushing energy 

dissipation occurring once the residual material strength is reached. This is an 

assumption, since no real in-situ observations have been made on whether the material 

would unload to a point of no plastic deformation even after the crack has fully formed. 

This kind of experimental observation would be even more difficult to perform using 

unstable crack propagation tests. 

 

The value of this residual compressive strength was obtained from the stable post-

peak behaviour of the DENCLC specimens. The DENC specimens could not provide 

a stable post-peak response since the two portions of the fractured specimens were no 

longer aligned. The value of 𝑋  was calculated as the stress observed in the fractured 

ligament, during the crushing process, 

 

 𝑋 =
( )

   (4.14) 

 

 
Figure 4.4 – Predicted stress-displacement response of a 2D woven CFRP under uniaxial fibre-dominated 

compression. The area shaded in blue represents the compressive fracture toughness. 
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4.2.3 Material and test specimens 

 The material used, M2, is a 6k-5HS woven carbon fibre reinforced epoxy, and its 

compressive elastic properties are listed in Table 4.1. A [0°]12 layup was used, 

producing a laminate of nominal thickness 3.85 mm. The laminates were cured in an 

autoclave following the recommended cure cycle. DENC and DENCLC specimens 

were subsequently cut in a CNC milling machine, using diamond coated cutters. The 

DENC specimen set had notches milled with a tip diameter 𝑑 = 1 mm, and is hereon 

denoted as DENC1 (Figure 4.5). Two sets of DENCLC specimens were cut, with 𝑑 =

1 mm and 2 mm, to investigate the notch tip diameter sensitivity of the peak load, and 

are respectively denoted as DENCLC1 (Figure 4.6) and DENCLC2. While six 

specimen sizes were tested for the DENC1 set, the two DENCLC sets were limited to 

five sizes, due to the dimension limitations of the CLC fixture (2𝑤 = 35 mm was not 

tested). A minimum of 5 specimens were tested for each size of each geometry set. 

Table 4.2 details the geometries of all the tested sets. 

 

 
Figure 4.5 – DENC1 specimens. 

 

Table 4.2 – DENC/DENCLC specimen geometries. 

 

 

Specimen label 2𝑤 [mm] 2𝑙 [mm] (DENC) 2𝑙 [mm] (DENCLC) 𝑎  [mm] 

10 10 15 10 2.5 

15 15 22.5 15 3.75 

20 20 30 20 5 

25 25 37.5 25 6.25 

30 30 45 30 7.5 

35 35 52.5 - 8.75 
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Figure 4.6 – DENCLC1 specimens. 

 

 
Figure 4.7 – Test setup: (a) DENC; (b) DENCLC. 
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4.3 Experimental and numerical results 

4.3.1  Experimental peak load and post-peak results 

 Both DENC and DENCLC specimens were tested at 1 mm/min in a Zwick Roell 

Z100 test machine, using a 100 kN load cell. The test setups for both types of 

geometries are shown in Figure 4.7. Peak nominal stresses and standard deviations 

were obtained for all specimen sets, and are listed in Table 4.3. While an evident size 

effect can be noted for all three sets of specimens (decreasing peak nominal stress with 

size), the standard deviations in peak nominal stresses for the DENC1 set are 

significantly larger than for the DENCLC sets, for all the tested sizes. This was 

attributed to a decrease in the effect of load surface imperfections (flatness and 

parallelism) on the behaviour of the specimen. 

 

Table 4.3 – DENC/DENCLC average peak nominal stress, 𝜎  (in MPa), and its standard deviation (in parentheses) 

for all tested sizes. 

 

 

 

 
Figure 4.8 – Fractured DENC1 specimens. 

Specimen label 10 15 20 25 30 35 

DENC1 
175.3 

(16.3) 

172.2 

(25.9) 

150.5 

(12.9) 

156.8 

(15.0) 

152.7 

(14.2) 

129.5  

(8.1) 

       

DENCLC1 
198.3  

(4.7) 

179.8 

(7.8) 

170.8  

(6.7) 

154.2 

(7.1) 

157.0 

(6.9) 
- 

       

DENCLC2 
203.3 

(5.8) 

191.2 

(7.4) 

176.5 

(5.7) 

167.0 

(5.5) 

161.0 

(5.9) 
- 
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Figure 4.9 – Fractured DENCLC1 specimens. 

 

 Figure 4.8 and Figure 4.9 show the fractured DENC1 and DENCLC1 specimens. 

The kink-band propagation in all specimens had a through-thickness inclination. In 

woven composites, this angle is a result of the aforementioned fibre rotation lockup 

angle, ply offsets, weave architecture and layup orientation [122,154]. Due to this 

through-thickness inclination angle of the propagated kink-band, the crack in one of 

the two outer plies of a specimen can lie outside of the initial ligament height between 

the machined notches, as shown in the front and rear views of the same fractured 

DENC1 and DENCLC1 specimens in Figure 4.10 and Figure 4.11. In the front image, 

all specimens present a crack (highlighted in orange) within the original ligament 

height, while in the rear image the crack in the specimens with 1 mm notches lies 

outside this ligament height. These figures also show that the propagated crack in 

DENCLC2 specimens was contained within the initial ligament height through the 

whole thickness of the specimen. Since unstable crack propagation occurs at peak load, 

the post-peak development of the crack outside the original ligament height should not 

affect the measured peak load values. Hence, both DENC1 and DENCLC1 could be 

used to measure the compressive fracture toughness. However, any measurements 

made after this crack propagation, such as the post-peak crushing load, are influenced 

by the location of the developed crack.  
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Figure 4.10 – Front view of fractured ligaments (crack in orange) for DENC1 (left), DENCLC1 (centre) and 

DENCLC2 (right) specimens.  

 

 
Figure 4.11 – Rear view of fractured ligaments (crack in orange) for DENC1 (left), DENCLC1 (centre) and 

DENCLC2 (right) specimens. 

 

4.3.2 Numerical results on notch tip diameter sensitivity 

The effect of the notch tip diameter on the peak load of the specimen was also 

analysed numerically, by comparing the qualitative and quantitative results of two 

DENCLC Finite Element (FE) models, with different notch tip diameters, i.e. 𝑑 = 1 

mm and 𝑑 = 2 mm, generated using the software package Abaqus® [135]. Similar to 

the numerical comparison in the previous chapter, each model consists of an embedded 

cell (EC) surrounded by a homogenised mesoscale (ply-level) volume [144]. The EC 

consists of a [0°]12 plain weave stack, embedded in an epoxy matrix. A plain weave 

was modelled instead of the 5HS being tested experimentally, in order to reduce the 

computational cost. However, the width of the individual tows (2 mm) is consistent 

between the experiments and the simulations. The homogenised volume is used to 

represent the linear-elastic behaviour of the composite far from the crack region. 
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Figure 4.12 shows a representation of the FE models, subjected to the appropriate 

Boundary Conditions (BCs), simulating a virtual test of a DENCLC specimen. The 

width and thickness of the virtual DENCLC specimens are 2𝑤 = 20 mm, and 𝑡 = 3.2 

mm, respectively, while the overall length is 147 mm. 

 

 
Figure 4.12 – FE model of the DENCLC specimen, including the embedded cell (EC) and homogenised volume, 

with the applied BCs. 

 

4.3.2.1 Pre-compaction simulation of the Embedded Cell 

Following [144], the tows of the EC were randomly disposed, and then pre-

compacted in order to obtain a representative value of the fibre volume fraction of the 

material (see Figure 4.13 right), generating a more realistic representation of a cured 

composite laminate. Two analytical rigid bodies were used as compression plates for 

the pre-compaction simulation, including a general explicit contact formulation, with 

a penalty friction approach to avoid interpenetration between yarns. During this 

compaction stage, the dry tows were assumed to have a linear-elastic transversely 

isotropic behaviour, and modelled using fully integrated 3D hexahedral elements 
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(C3D8) in order to maintain a realistic tow geometry during compaction (avoiding 

hourglass deformations). Finally, in order to force periodicity on the outer shape of the 

ECs, the models were subjected to 2D Periodic Boundary Conditions (PBCs) 

[144,152]. The overall in-plane dimensions of the EC were: 𝐿 = 10 mm and 𝑊 =

15 mm (see Figure 4.13 left), with a final thickness of 3.2 mm after the compaction 

process. 

 

 
Figure 4.13 – Embedded Cell isometric representation (right), and a front view highlighting the weave pattern 

(left). 

 

4.3.2.2 DENCLC specimen simulation 

Through orphan mesh capabilities, the homogenised volume of the specimen was 

generated by extruding 100 solid layers at each of the compacted boundaries of the 

EC. The hexahedral elements, used for the tows during compaction, were exchanged 

for their reduced integration version (C3D8R), allowing the tows to be assigned the 

intralaminar damage model for the specimen simulation. Similarly, the homogenised 

volume was also discretised using C3D8R elements. The complex volumes existing 

between the compacted tows of the EC, representing matrix resin pockets within the 

weave, were discretised using 3D tetrahedral solid elements (C3D4). The elements in 

the EC had an average size of 0.03 mm. The notches were created by removing 

elements along the centreline of each specimen, ensuring that 𝛼 = 0.5 was the same 

for both FE models, as shown in Figure 4.14. 

 

4.3.2.3 Material models 

The stress localisation due to the notches ensured that damage initiated and 

propagated within the EC. Therefore, the homogenised volume was assumed to behave 
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in a simple orthotropic linear-elastic manner, helping reduce the total computational 

cost of the FE simulations.  

 

The compacted tows were modelled using a transversely isotropic intralaminar 

damage model, originally developed by the Advanced Composites Research Group 

(ACRG) at Queen’s University Belfast (QUB) [9,89,149]. The behaviour of the 

material in the three principal directions is modelled as linear elastic up to failure, 

while shear deformations follow nonlinear inelastic laws.  The model, implemented as 

a VUMAT subroutine in Abaqus®, uses strain-based damage initiation functions to 

predict damage initiation along the fibre direction, and a modified version of the Puck 

and Schürmann [155] failure criterion to capture the transverse and through-thickness 

matrix-dominated damage initiation [150]. Different damage variables were used to 

represent the evolution of damage in the material, each corresponding to a different 

failure mechanism. The model also makes use of an advanced way to calculate the 

characteristic element length and a non-linear damage model for inelastic deformation, 

stiffness degradation, and load reversal. For more information, the reader is referred 

to [9,89,149,151]. 

 

 
Figure 4.14 – Representation of the initial notch tip within the EC, 𝑑 = 1 mm (top), and 𝑑 = 2 mm (bottom). 
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 The resin in the EC was modelled using an isotropic elasto-plastic damage model 

originally proposed by Melro et al. [145]. The behaviour of the material is assumed to 

be elastic until a paraboloidal yield criterion is met [146]. The constitutive model also 

accounts for pressure dependency and different yield strengths in tension and 

compression. A damage model defined by a single damage variable is used, where 

damage initiation is defined by a damage activation function similar to the paraboloidal 

yield criterion. Mesh dependency is avoided through the regularisation of the 

dissipated energy, using the characteristic element length and the mode I fracture 

toughness of the resin [147]. For the sake of brevity, the model is not completely 

described here. For more information, the reader is referred to [145,148] for a detailed 

description of the constitutive material model. 

 

 Since the outcome of these two simulations was only used to compare the peak 

loads obtained for specimens with different notch tip diameters, the input material 

properties can be considered to have a minimal effect on the comparative results. Thus, 

elastic and strength properties used to model both constituents were assumed to be the 

ones obtained by Melro et al. [152]. The material properties of the epoxy matrix and 

tows are listed in Table 3.6 and Table 3.7 of the previous chapter. The elastic properties 

considered for the homogenised volume are the ones reported for Material 2 in Table 

4.1. 

 

Damaged elements were removed throughout the simulations, to avoid excessive 

element distortion which could trigger early termination. This deletion was performed 

using the following computational strategy: 

 

Delete element if  =
𝑑 > 0.999

𝑑 > 0.999
det 𝑭 ≤ 0.5 ∨ det 𝑭 ≥ 2.0

 

 

where 𝑑  and 𝑑  are, respectively, the damage variable of the matrix constituent and 

the fibre-dominated compressive damage variable of the tows. The det 𝑭 value 

represents the ratio between the deformed and undeformed volume of an element. 

Again, variable mass scaling was used to speed up the simulations, while ensuring that 
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quasi-static conditions prevailed by monitoring the kinetic energy to internal energy 

ratio. 

 

4.3.2.4  DENCLC specimen simulation results 

 Figure 4.15 shows the quantitative numerical predictions of both DENCLC virtual 

specimens, normalised with respect to the higher of the two failure stresses, and its 

corresponding displacement (actual stress magnitude does not correspond to the 

experimental data since different material input properties were used). Four points are 

highlighted (A to D) throughout the load-displacement curves. These points 

correspond to different stages of the compressive intralaminar crack propagation, as 

represented in Figure 4.16 and Figure 4.17. These contour plots present the fibre 

compressive damage variable (𝑑 ) within the tows, for the two notch tip diameters.  

 
Figure 4.15 – Normalised nominal stress - displacement curves for the DENCLC FE models, highlighting four 

distinct points. Red stars highlight the peak stresses for both model responses. 

 

The ordinate value of the plot presented in Figure 4.15 represents the ratio between 

the current stress, 𝜎, and the maximum nominal stress of the two curves, 𝜎 , while 

the abscissa value represents the ratio between the current displacement, 𝛿, and the 

maximum displacement of the two curves, 𝛿 . The four points identified portray: 
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(A) slight fibre damage at the initial notch tip; (B) crack propagation in the outer plies 

of the EC; (C) advanced crack propagation throughout the EC, including preferential 

crack localisation at the edges of warp tows; (D) unstable intralaminar crack 

propagation after peak load. The difference between peak loads for these two 

specimens was shown to be very small. From both qualitative numerical predictions 

(Figure 4.16 and Figure 4.17), the cracks developed before peak load were contained 

within the initial ligament height (𝑑 ), in-between the initial notches, making the 

quantitative predictions valid up to unstable crack propagation. 

 

 
Figure 4.16 – Fibre compressive damage and crack propagation through the EC volume corresponding to the four 

distinct points (A-D) in the load displacement curve,  for the smaller notch diameter specimen (𝑑 = 1 mm). 

 

 
Figure 4.17 – Fibre compressive damage and crack propagation through the EC volume corresponding to the four 

distinct points (A-D) in the load displacement curve,  for the larger notch diameter specimen (𝑑 = 2 mm). 
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4.4 Compressive fracture toughness and residual strength 

4.4.1 Compressive fracture toughness 

 The bilogarithmic size effect law of Eq. (4.9) was fitted to the experimental peak 

nominal stress data for each of the three specimen sets (Table 4.3). The fits for each 

set can be observed in Figure 4.18, including the corresponding 95% confidence 

intervals. A larger variation was observed in the DENC1 specimen data when 

compared to the two DENCLC sets. The downward shift of the size effect law fitting 

for the DENC1 set, when compared to the DENCLC sets (Figure 4.18d), can be 

attributed to the larger correction factor value, 𝜅, of the DENC geometry (Figure 4.3). 

The difference between the fits of the two DENCLC sets is not significantly different. 

The fit coefficients (𝑀, 𝑁), and the R-curve parameters 𝑐  and 𝑅 , for all specimen 

sets, are listed in Table 4.4.  

 

 The R-curve for each set of specimens is depicted in Figure 4.19, including their 

respective 95% confidence intervals, and an overall comparison. These confidence 

intervals were derived from their corresponding intervals obtained for the size effect 

laws. Both the DENC and DENCLC specimens produced similar R-curves and 𝑅  

values. However, the 95% confidence interval for the DENC set was significantly 

wider than the two DENCLC sets. Hence, the use of DENCLC specimens is 

recommended. Furthermore, since the 𝑅  value of the DENCLC2 set falls within the 

95% confidence interval of the DENCLC1 set, it was concluded that, even if the size 

effect law for the DENCLC2 specimen is higher than that of the DENCLC1, the 

measured fracture toughness of the former falls within the 95% confidence intervals 

of the latter. This conclusion cannot be extended to specimens with larger notch 

diameters, where the measured peak loads could be higher, artificially increasing the 

calculated fracture toughness. The steady-state fracture toughness, 𝑅 , obtained here 

for 2D woven composites (32.5 kJ/m2), is comparable to the laminate level fracture 

toughness measured for Hexcel IM7-8552 cross-ply UD composites using the size 

effect method (30.5 kJ/m2) [116].  
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Table 4.4 - Size effect law fitting parameters, critical crack extension and steady-state fracture toughness. 

 

 

 
Figure 4.18 – Size effect laws: (a) DENC1; (b) DENCLC1; (c) DENCLC2; (d) Comparison. 

 

Specimen label 𝑀 [MPa√mm] 𝑁 [mm] 𝑐  [mm] 𝑅  [kJ/m2] 

DENC1 771.4 13.8 4.39 33.8 

     

DENCLC1 760.4 10.0 3.21 28.3 

     

DENCLC2 815.6 11.0 3.53 32.5 
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Figure 4.19 – R-curves: (a) DENC1; (b) DENCLC1; (c) DENCLC2; (d) Comparison. 

 

4.4.2 Residual compressive strength 

 The post-peak crack propagation of the DENCLC2 specimen set was contained 

within the initial ligament height, unlike the propagation observed in the other two 

specimen sets. Moreover, the two portions of the fractured specimens were kept 

aligned by the CLC fixture after peak load (Figure 4.20). Thus, only the DENCLC2 

specimens were considered valid for the calculation of the residual compressive 

strength. Furthermore, to better capture the material variability arising from weave 

architecture and ply offsets, only the largest specimens (2𝑤 = 30 mm) of the 

DENCLC2 set were considered here. 

 

 The post-peak crushing behaviour for this set of specimens was found to stabilise 

(Figure 4.21), progressing until the two faces of the initial notch came into contact, at 

which point the load started to increase again. The crushing stress for these specimens 

was calculated along the ligament of length 𝑤 = 15 mm, using Eq. (4.14). The 

compressive residual strength (𝑋 ) was calculated as the average crushing stress 
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observed from all eight specimens in this set, over a crushing length of 1 mm, between 

the stabilisation after peak load and the second rise in load. Figure 4.22 indicates a 

significant variability in the crush stress observed for the eight specimens. This is a 

result of the different crack band morphologies that developed after the peak load of 

each specimen. The kink-band inclination through the thickness of the specimen 

depended on the location of the individual kink-band failure of each ply. While some 

specimens developed a smooth kink-band that transected through all plies (Figure 

4.23), other specimens developed multiple kink-band inclinations throughout their 

thickness (Figure 4.24). The four specimens which crushed in a similar manner to 

Figure 4.23 provided a higher crushing stress than the other four which failed similarly 

to Figure 4.24. This difference was attributed to the greater amount of delaminations 

observed during the latter type of crushing behaviour, which reduced the crushing load 

of such specimens. This delamination occurred when wedges on one half of the 

cracked specimen were forced into the opposite half, as shown in Figure 4.24. 

 

 

 
Figure 4.20 – DENCLC specimen alignment after peak load (side view). 
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Figure 4.21 – Load-displacement curves for eight DENCLC2 specimens, 2𝑤 = 30 mm. 

 

 
Figure 4.22 – Crush stress variation of eight DENCLC2 specimens, 2𝑤 = 30 mm. 

 

In total, four specimens failed in a similar manner to Figure 4.23, with an average 

crush stress of 103.9 MPa (standard deviation of 3.8 MPa). The other four specimens, 

which failed similar to Figure 4.24, had an average crush stress of 81.6 MPa (standard 

deviation of 6.1 MPa). Considering that all specimens failed through the formation of 

inclined through-thickness kink-bands, albeit with some differences in morphology, 
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the averaging of the crush stress of all eight specimens was deemed an accurate way 

of taking the different morphologies into account when calculating the residual 

compressive stress. This average value was calculated to be 𝑋 = 92.7 MPa (standard 

deviation of 17.0 MPa). 

 

 

 

Figure 4.23 – Crush surface of a DENCLC2 specimen failing with a smooth kink-band inclination: (a) isometric; 

(b) side; and (c) top views. 

 

Figure 4.24 – Crush surface of a DENCLC2 specimen failing with multiple kink-band inclinations: (a) isometric; 

(b) side; and (c) top views. 
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4.5 Conclusions 

 A careful comparison of experimental results of both Double Edge Notch 

Compression (DENC) and Double Edge Notch Combined Loading Compression 

(DENCLC) specimens, as well as the numerical results of the notch sensitivity study, 

reveal the following conclusions: 

 

 DENCLC specimens provided a distinct improvement on the original DENC 

geometry, by reducing the scatter in peak loads, hereby improving the accuracy 

of the results. Although the compressive fracture toughness calculated from 

both types of geometry is similar, the confidence interval for the DENCLC 

specimens is significantly smaller. The use of DENCLC specimens could 

provide a similar improvement in measuring the compressive fracture 

toughness of UD laminates. 

 

 The experimental and numerical studies on DENCLC specimens have shown 

that within the two tested notch tip diameters, there is no significant difference 

in the measured fracture toughness. However, this conclusion cannot be 

extended to future experiments with larger notch tip diameters, where the 

measured fracture toughness might be artificially increased. 

 

 Similar to what has been developed for mode I intralaminar fracture toughness, 

the data reduction scheme presented for the size effect method has been further 

simplified through the application of Trace Theory, and made applicable to 

most commercially available 2D woven composites. This simplification 

eliminates the need of further orthotropic corrections for this class of materials, 

and consequently the recalculation of the correction factor through FEM 

analysis. Furthermore, the data reduction method has again been implemented 

in Matlab®, for a fast and objective calculation of the material parameters. 

 

 The use of DENCLC specimens, with an initial notch tip diameter of 2 mm, 

enabled the calculation of the residual compressive strength of the material, by 

virtue of the stable post-peak crushing observed in such specimens. 
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 This study has further developed the size effect method proposed for compressive 

fracture toughness, and applied it to 2D woven composites, to obtain both their fibre-

dominated compressive fracture toughness and residual compressive strength. 

Furthermore, the developments presented here have provided an increased accuracy in 

results, and a data reduction technique which can be more easily applied to a wide 

class of materials, paving the way for future standardisation of this experimental 

method. 
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5. Through-thickness compressive characterisation 

 

5.1 Introduction 

 Thick composite laminates are being increasingly used in large load-critical 

structures, such as wind turbine blades [156], aircraft structures [157], race car 

suspension components, and heavy duty bearings [158,159]. Engineers designing such 

structures, for operation within the elastic limits, require a better understanding of the 

through-thickness (TT) behaviour of these composites, and reliable methods to 

characterise it. Furthermore, through-thickness compression, shear, and subsequent 

failure, could play a significant role in the crushing behaviour of composite crash 

structures. Thus, the through-thickness behaviour needs to be better understood in 

order to assess its relevance in crashworthiness simulations, and to improve current 

modelling strategies accordingly. 

 

 There have been several studies aimed at characterising the TT behaviour under 

tensile, compressive and shear loading, for both unidirectional and two-dimensional 

(2D) woven carbon fibre reinforced polymers (CFRPs) [104,160–163]. However, to 

the author’s best knowledge, no literature is available on the notched behaviour of such 

composites. While several studies have focused on the notched behaviour of 

composites loaded in in-plane tension and compression (eg. [164]), all TT studies have 

made use of unnotched (rectangular or waisted) specimens. In an unnotched 

unidirectional ply loaded under transverse or TT compression, intralaminar failure will 

manifest as a shear-dominated fracture plane developing through the matrix [165]. 

Similarly, a unidirectional stacked laminate ([0°]n) subjected to TT compression, will 

allow this transverse matrix failure to propagate through multiple plies, while a cross-

ply laminate ([0°/90°]n) restrains such cracks from propagating from one ply to another 

[162,166]. 2D woven composites, similar to cross-ply laminates, are more resistant to 

matrix crack propagations than stacked UD plies, due to their multi-directional 

reinforcements. In this TT direction, compressive failure has been attributed to matrix 

cracking within tows, which leads to interlaminar shear failure, and then fibre 

breakage. Since other compressive intralaminar failure modes have been shown to 

possess a notch sensitivity, and to follow a size effect [164], it is important to 
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understand whether this TT compressive failure is also characterised by such 

behaviour. 

  

This chapter presents a comprehensive study on the compressive through-thickness 

behaviour of 2D woven carbon fibre reinforced composites. An experimental 

campaign on both unnotched and notched specimen geometries was performed, in 

order to understand the behaviour of the material in this loading regime and to 

characterise the elastic and strength properties required later for modelling. An 

experimental evaluation of both the specimen geometries and the mechanical test setup 

is also presented, including guidelines and recommendations to be followed when 

performing such tests. A notch size sensitivity is performed on the notched specimens, 

in order to attempt to measure the through-thickness compressive fracture toughness, 

which is another material input parameter in current intralaminar composite damage 

models. 

 

5.2 Material, specimen geometries and experimental setup 

5.2.1 Material and manufacturing 

The material used in this experimental campaign is the same Material 2 of Chapters 

3 and 4. The representative in-plane square element (smallest repeatable unit) of the 

5HS weave measured 8 mm (single tow width ≈1.6 mm). A thick rectangular laminate 

was cured inside an autoclave, following the recommended curing cycle. The [0°]66 

laminate had a nominal cured thickness of 20 mm. Slices were cut from the laminate 

using a waterjet cutter. Individual specimens were CNC milled from the laminate 

slices using diamond coated milling cutters. These manufacturing processes could 

induce edge delaminations, especially the waterjet cutting. However, considering that 

the specimens were loaded in through-thickness compression, any delaminations 

should be closed and stopped from propagating. This was confirmed by the 

experimental results, which presented a low scatter in results, indicating that edge 

delaminations either were not present or they did not have a measurable effect on 

specimen failure. The slices were cut 4 mm wide, approximately half the width of the 

repetitive unit weave pattern, and thus a minimum of 2 fibre tows were included in the 

width of each slice. This width was chosen since, when considering the other planar 

dimension, the 100 kN load cell used for testing would not have been enough for a 
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wider specimen. However, using a minimum of 2 tows in the width was shown to be 

sufficient from the small experimental data scatter of the peak loads, presented further 

on. Considering the large number of plies, the randomness of the weave layer shifting 

did not affect the quantitative results, again evidenced by the small scatter in peak 

loads.  The base laminate and a typical slice are presented in Figure 5.1, where the 

laminate’s in-plane (i.e., 1, 2) and TT (i.e., 3) directions are also indicated. The in-

plane elastic and strength properties of the material, listed in Table 5.1, were obtained 

from the work in Chapter 4. 

 

Table 5.1 - In-plane elastic material properties. 

 

 
Figure 5.1 – Laminate plate and a machined slice, including the principal material orientations. 

 

5.2.2 Specimen geometries  

5.2.2.1  Notched specimen geometries 

 Double Edge Notch Compression (DENC) specimens were designed to measure 

the TT compressive intralaminar fracture toughness of the material, following the 

intrinsic size effect method [113]. This method typically relies on testing a set of 

geometrically scaled notched specimens, of a characteristic size, 𝑤, from which the 

𝐸  [GPa] 𝐸  [GPa] 𝐺  [GPa] 𝑣  [-] 

62.6 62.0 3.69 0.03 
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size-dependent variation in the nominal strength, 𝜎 , can be obtained. The nominal 

strength values are subsequently fit using a regression law [113], as a function of the 

varying characteristic size of the specimens. Since the maximum specimen height in 

this experimental work was limited by the plate thickness (20 mm), it was not possible 

to achieve a sufficient brittleness ratio (calculated as the ratio between the smallest and 

largest intrinsic specimen widths) by pure geometric scaling of a DENC specimen 

[18,113,116]. The confidence in the size effect regression fit is significantly dependent 

on testing specimens with a sufficient variation in size, and hence a large brittleness 

ratio is ideal. For this reason, the intrinsic variant of the size effect method was chosen 

[113], to achieve a sufficient brittleness ratio by scaling the overall specimen 

dimensions and also varying the initial notch length ratio. The intrinsic size effect law 

and its bilogarithmic regression, both of which are expressed in terms of the intrinsic 

characteristic size (𝑤) and strength (𝜎 ), can be represented as: 

 

 𝜎 =
( / )

  (intrinsic size effect law) (5.1) 

 ln 𝜎 = ln
√

  (bilogarithmic regression) (5.2) 

 

where M and N are the fitting parameters for the bilogarithmic regression law of Eq. 

(5.2). The transitional size,  𝑤 , and the asymptotic strength value of an infinitesimally 

small specimen, 𝜎 , are both defined as material dependent parameters, and can be 

obtained from the regression fit coefficients M and N as: 

 

  𝑤 = 𝑁  ,  𝜎 =
√

 (5.3) 

 

Using the two fitting coefficients obtained from the bilogarithmic regression of Eq. 

(5.2), the steady-state values of the fracture toughness, 𝑅 , and its critical crack 

extension, 𝑐 , can be calculated as: 

 

 𝑅 =   ,  𝑐 = 𝑁 (5.4) 
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where 𝐸 is the equivalent modulus of the material. These two equations differ from 

those presented in Chapters 3 and 4, since here they are based on the intrinsic definition 

of the size effect law.  

 

 The intrinsic size and strength can be obtained from the actual specimen size and 

strength values [113]: 

 

 𝑤 = 𝑤
 
  ,  𝜎 = 𝜎 2𝜅 𝜅  (5.5) 

 

where 𝜅 is the dimensionless correction factor used in the determination of the 

compressive stress intensity factor 𝐾 , as   𝐾 = 𝜎 √𝑤𝜅, and 𝜅  and 𝜅  are the values 

of 𝜅, and its derivative, calculated at the initial notch length ratio, 𝛼 , respectively. 𝜅 

depends on the material orthotropy and on the geometry of the specimen, and it was 

determined numerically within the range  of notch length ratios 0 < 𝛼 < 1, as shown 

in Chapter 3, by applying the Virtual Crack Closure Technique (VCCT) to a 2D Finite 

Element (FE) model, within the commercial software package Abaqus® [135]. This 

model required the input of some elastic material parameters, including the TT 

compressive and shear moduli. While the compressive modulus, 𝐸 , was obtained 

from preliminary testing of unnotched compression specimens, the shear modulus, 

𝐺 , is not easily measured.  

 

 The effect of the shear modulus on the factor 𝜅 was investigated, within the range 

of shear moduli available in literature [104,160,161], 1.5 < 𝐺 < 5.0 GPa, and a 

maximum difference of 8% was found (see Figure 5.2). This difference cannot be 

neglected, and it is recommended that similar models should, in future, be provided 

with an accurate value of 𝐺 . The variation in κ with shear modulus also affected the 

conversion factors of Eq. (5.5), which are necessary to calculate the intrinsic width and 

strength of the specimens. The resultant variations in both 𝜅 /2𝜅  and 2𝜅 𝜅  are 

respectively presented in Figure 5.3 and Figure 5.4. In the present study, considering 

the experimental results that are described later, this difference did not play a 

significant role in the data reduction. The value of 𝐺  was taken as 2.4 GPa, obtained 

from a proportion between the in-plane and TT shear moduli of similar woven 
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composite materials available in literature, and the in-plane shear modulus listed in 

Table 5.1 [104,161].  

 

 
Figure 5.2 – Correction factor, 𝜅, variation with through-thickness shear modulus, 𝐺 . 

 

 
Figure 5.3 – Conversion factor for the intrinsic width, 𝑤, and its variation with through-thickness shear modulus, 

𝐺 . 
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Figure 5.4 – Conversion factor for the intrinsic strength, 𝜎 , and its variation with through-thickness shear 

modulus, 𝐺 . 

 

Two notched specimen sizes were chosen with heights (ℎ) equal to 10 mm and 20 

mm. The specimen height to width ratio was constant for all specimens (𝜉 = ℎ/𝑤 =

1), as shown in Figure 5.5. The notch length ratio values, 𝛼 = , of initial notch 

lengths, 𝑎 , to specimen width, 𝑤, were chosen to be 0.3, 0.5 and 0.7, respectively. 

Using these two specimen sizes and three 𝛼  values, the brittleness ratio, was equal to 

1:2.74. This is significantly larger than the ratio of 1:2 which would have been obtained 

if only the specimen size was changed. Testing 𝛼  values lower than 0.3 or higher than 

0.7 would have further increased the brittleness ratio. However, 𝛼  values lower than 

0.3 were considered too small to cause proper stress localisation, and 𝛼  values above 

0.7 would results in very small ligament lengths. Therefore, 𝛼  values of 0.3 and 0.7 

were deemed sufficient.  

 

Two different initial notch tip diameters (𝑑 = 1 and 3 mm) were tested for the 

larger specimens, in order to evaluate the sensitivity of the nominal strength on this 

notch tip size. The 3 mm diameter notch had a U-shape, while the 1 mm diameter notch 

was modified to a V-shape, since the preliminary tests with a 1 mm U-shape notch 

showed a premature failure when the outer notch edges came into contact. The 

resulting 6 tested sizes of the DENC geometry and the notch tip variants of the larger 
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specimens are listed in Table 5.2. The base DENC geometry and the different notch 

designs are illustrated in Figure 5.5. A minimum of 3 specimens were tested for each 

of the 2 specimen sizes and 3 notch length ratios. Figure 5.6 presents all the different 

notched specimens. 

 

 
Figure 5.5 – DENC specimen geometry, including the two notch tip variations. 

 

Table 5.2 – Notched specimen geometries. 

Specimen label 

(𝑤 − 𝛼 − 𝑑 ) 
ℎ [mm] 𝑤 [mm] 𝛼  [-] 𝑎  [mm] 𝑑  [mm] 

N10-03-1 10 10 0.3 1.5 1 

N10-05-1 10 10 0.5 2.5 1 

N10-07-1 10 10 0.7 3.5 1 

N20-03-1 20 20 0.3 3 1 

N20-05-1 20 20 0.5 5 1 

N20-07-1 20 20 0.7 7 1 

N20-03-3 20 20 0.3 3 3 

N20-05-3 20 20 0.5 5 3 

N20-07-3 20 20 0.7 7 3 
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5.2.2.2 Unnotched specimens 

The unnotched specimen geometries, denoted UN, were designed to fulfil two 

purposes. Firstly, the individual widths of the specimens, 𝑤 , were chosen to match 

the ligament widths of the larger DENC specimens (𝑤 = 𝑤(1 − 𝛼 )). Secondly, 

testing different specimen widths allowed for the measurement of any size effect 

arising from either end effects or premature buckling. The height, (ℎ = 20 mm), was 

constant for all unnotched and waisted specimens. The decay length for end effects 

generally necessitates a specimen height which is double the width [160]. On the other 

hand, testing thin specimen columns could result in premature buckling, or in a large 

scatter of results due to the statistical effect of testing very small cross-sectional areas. 

Thus, 3 unnotched rectangular specimen widths were chosen, corresponding to the 

ligaments of the larger notched specimens, plus an additional width corresponding to 

a square specimen (ℎ = 𝑤 ). A waisted specimen geometry, denoted W, was also 

tested, with a ligament of 𝑤 = 8 mm [160]. A set of rectangular and waisted 

specimens are also shown in Figure 5.6, while the dimensions of all these unnotched 

specimens are listed in Table 5.3. A minimum of 5 specimens were tested for each 

unnotched geometry. 

 

Table 5.3 – Unnotched specimen geometries. 

Specimen label (𝑤 ) ℎ [mm] 𝑤  [mm] 

UN6 20 6 

UN10 20 10 

UN14 20 14 

UN20 20 20 

W8 20 8 
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Figure 5.6 – Specimen geometries: unnotched and waisted (top); 10 mm notched (second row); 20 mm notched 

with a 1 mm tip (third row); 20 mm notched with a 3 mm tip (last row). 

 

5.2.2.3 Experimental setup 

The specimens were compression tested in a Zwick Roell Z100 electromechanical 

testing machine, equipped with a 100kN load cell, at a constant speed of 0.5 mm/min. 

The load and cross-head displacement were obtained directly from the machine, while 

the strain was measured using a 2D digital image correlation (DIC) system. Out-of-

plane misalignment was minimised by ensuring that all four corners of each specimen 

were in focus. A matt black-on-white pattern was sprayed on one surface of each 

specimen. The strain data analysis was performed by means of the Matlab-based 

software plugin, Ncorr [167]. The optical system details and DIC parameters can be 

found in Table 5.4. The 10 mm notched specimens were not analysed with DIC, due 

to their small size. Furthermore, the image acquisition for DIC analysis was halted 

after the specimens reached 350 MPa of compressive stress, to shield the camera lens 

from any fragments which were released at high energy upon failure. Two compressive 

test fixtures were used (presented in Figure 5.7), to compare the results obtained using 
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both a fixed head setup, and a self-aligning head as recommended in BS 2782 [168]. 

A similar comparison had been performed by Park and Lee [161], where specimens 

tested using the fixed head setup failed at a higher stress value, with a lower scatter in 

results. Although the self-aligning head should theoretically conform better to a 

specimen with end imperfections (imperfect parallelism), the small size of the 

specimens could easily promote the rotation of the self-aligning head, causing 

eccentric loading. Considering the small size of the specimens, the use of a recessed 

platen would help in repeatedly locating each one centrally, for uniform loading [160]. 

However, no custom platens could be made for the different sized specimens being 

tested, and they were located by measurements marked on the loading platens. 

 

Table 5.4 – Optical system and DIC parameters for virtual strain measurement. 

Sampling rate 0.3 Hz 

  

Camera-lens system  

Camera Type Canon EOS 80D Single-lens digital Reflex  

Camera resolution – Effective pixels 24.2 MPixels 

Image sensor size CMOS 22.3 x 14.9 mm2 

Lens Type Canon EF 100mm f/2.8L Macro IS USM 

Focal Length 100 mm - macro 

Resultant resolution ~6 µm/pixel 

  

DIC parameters  

Subset Radius 20 Pixels 

Subset overlapping 5 Pixels 

Displacement rate 0.5 mm/min 

Strain radius (SR) 6 Pixels/25 Pixels 
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Figure 5.7 – Compressive test fixtures: (a) fixed head; (b) self-aligning head. 

 

5.3 Experimental results and discussion 

The response of all notched and unnotched specimens was linear up to failure. The 

validity of the tests was checked from the contour plot of the shear strain measured 

using DIC. As seen in Figure 5.8 (for some of the typical geometries), the shear strain, 

𝜀 , displayed a perfect anti-symmetry with respect to the loading axis, for all types of 

specimens, and its value was zero along the centreline of the specimens. This proved 

that the specimens were properly aligned during the compressive loading. The typical 

longitudinal compressive strain fields observed for all types of notched and unnotched 

specimens are presented in Figure 5.9, at an equal stress value of 300 MPa (averaged 

within the respective ligament regions). The high resolution DIC setup provided 𝜀  

strain fields which could distinguish the local ply-level differences between resin rich 

areas and fibre tows.  
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Figure 5.8 – Typical unnotched (rectangular and waisted)  and notched specimen strain contours: DIC images 

(left); through-thickness longitudinal compressive strain 𝜀 , (centre); shear strain 𝜀 , (right), at an average 

ligament stress of 300 MPa. 

 

 
Figure 5.9 – Through-thickness longitudinal compressive strain contours for all the specimen types (except 10 

mm notched), at 300 MPa compressive stress. 
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5.3.1 Elastic properties 

The compressive elastic modulus, 𝐸 , was calculated from the unnotched 

specimens (rectangular and waisted geometries) tested using the fixed head fixture. 

The UN6 specimens were not used in the calculation due to the significant noise in the 

DIC data. The TT compressive stress values (𝜎 ) of the unnotched specimens were 

calculated using the minimum cross-sectional area, as: 

 

  𝜎 =
 
    (5.6) 

  

where 𝑃 is the compressive load and 𝑡 is the specimen thickness. The compressive 

strain, 𝜀 , obtained from the DIC analysis, was averaged over a rectangular area 

within the specimens, away from the edges to avoid the resultant concentrations, as 

shown in Figure 5.10. The strain data was also used to calculate the minor and major 

TT Poisson’s ratios, 𝑣  and 𝑣 , using the in-plane strain, 𝜀 :  

 

 𝑣 = −  (5.7) 

 𝑣  = 𝑣  (5.8) 

 

Two strain radius (SR) values were used in separate DIC analyses, in order to 

understand the effect of this parameter on the measured strains. The SR is the radius 

size, in pixels, over which the strain is averaged [167]. Figure 5.10 shows the strain 

contours obtained using SR values of 6 and 25 pixels. The contours of the SR6 analyses 

captured the individual ply deformations, while the SR25 gave more homogenised 

strain contours. The mean and standard deviation (SD) values of the TT elastic 

modulus and Poisson’s ratios are listed in Table 5.5. The calculated modulus did not 

vary significantly with the SR parameter of the DIC analysis. However, an increased 

noise level was observed in the 𝜀  data when analysed using SR6, which in-turn 

affected the Poisson’s ratios (an increase of 23%). It is therefore recommended to use 

a larger SR, such as SR25, when calculating the strain fields of such specimens using 

DIC. 
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Figure 5.10 – Through-thickness longitudinal compressive strain contours of typical unnotched specimens, 

analysed using strain radius (SR) values of 6 pixels and 25 pixels. 

 

Table 5.5 – Through-thickness elastic properties, including the standard deviations in parentheses. 

Strain Radius 

[pixels] 
𝐸  [GPa] 𝑣  [-] 𝑣  [-] 

6 7.88 (0.14) 0.096 (0.008) 0.751 (0.068) 

25 7.84 (0.16) 0.078 (0.007) 0.613 (0.061) 

 

5.3.2 Strength 

The maximum compressive stress was calculated from the peak load (𝑃 ) values, 

using the nominal widths of unnotched specimens, and the ligament cross-sections of 

notched specimens: 

 

 𝜎 =
 

  (unnotched) (5.9) 

 𝜎 =
( ) 

 (notched) (5.10) 

 

Figure 5.11 presents a complete set of fractured specimens, for both notched and 

unnotched geometries. Failure occurred within the ligament region for all the notched 

specimens. While some of the unnotched rectangular specimens fractured in their 

central region, others failed at the loaded ends. However, the peak stress for both kinds 
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of specimen failures was similar. All the unnotched waisted specimens failed in the 

ligament region. 

 

 

Figure 5.11 – Fractured specimens: unnotched and waisted (top); 10 mm notched (second row); 20 mm notched 

with a 1 mm tip (third row); 20 mm notched with a 3 mm tip (last row). 

 

The peak stress values of both rectangular and waisted unnotched specimens tested 

using the self-aligning fixture were consistently lower than those tested using the fixed 

head, as seen in Figure 5.12. These results are in agreement with similar observations 

by Park and Lee [161]. In this figure, unnotched (UN) and waisted (W) specimens 

tested with the self-aligning head were denoted as SA, while those tested with the fixed 

head were designated as FX. The data in this figure is presented with slight offsets 

along the horizontal axis, to aid in distinguishing results. The mean and standard 

deviation (SD) values of peak stress of the unnotched specimens are listed in Table 

5.6, with the results obtained from both types of fixtures.  
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Figure 5.12 – Mean and standard deviations (SD) of the maximum compressive stress, 𝜎 , of unnotched 

rectangular and waisted specimens of varying size. A comparison of fixed (FX) and self-aligning (SA) fixtures. 

 

Table 5.6 - Mean and standard deviation (SD) of peak stress for unnotched specimens, tested with the fixed (FX) 

and self-aligning (SA) fixtures. 

Specimen label 
Fixed fixture (FX) Self-aligning fixture (SA) 

𝜎  [MPa] SD [MPa] 𝜎  [MPa] SD [MPa] 

UN6 641.5 25.7 604.6 26.5 

UN10 671.4 47.4 621.4 45.9 

UN14 698.7 24.6 549.0 50.4 

UN20 695.4 61.6 - - 

W8 762.6 15.5 644.2 108.6 

 

There was no significant difference in failure stress between the notched 

specimens tested using the fixed and self-aligning heads, as shown in Figure 5.13. 

Since, at peak load, the stress at the loaded ends of notched specimens is significantly 

lower than for unnotched specimens, the susceptibility to premature failure due to end 

effects, worsened by the use of the self-aligning head, was reduced for these notched 
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specimens. Only the N20-03-3 notched specimens failed at a lower peak stress when 

using the self-aligning fixture. These were the only specimens in which failure was not 

limited to within the ligament region, as evidenced in the fractured specimen of Figure 

5.11. The smaller size of notched specimens (10 mm) were only tested with the fixed 

fixture. The mean and standard deviation (SD) values of peak stress of the notched 

specimens are listed in Table 5.7, including the results obtained from both types of 

fixtures. 

 

After evaluating the peak stress results of both notched (Figure 5.13) and 

unnotched (Figure 5.12) geometries, it is recommended to use a fixed head setup, to 

avoid any out-of-plane bending which may arise when using the self-aligning head, as 

a result of loading surface defects in the specimens. This out-of-plane bending can 

result in early failure of the specimens, and hence an underestimate of the compressive 

strength of the material. 

 

 
Figure 5.13 – Mean and standard deviations (SD) of the maximum compressive stress, 𝜎 , of notched specimens 

of varying size. A comparison of fixed (FX) and self-aligning (SA) fixtures. 
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Table 5.7 – Mean and standard deviation (SD) of peak stress for notched specimens, tested with the fixed (FX) and 

self-aligning (SA) fixtures. 

Specimen label 
Fixed fixture (FX) Self-aligning fixture (SA) 

𝜎  [MPa] SD [MPa] 𝜎  [MPa] SD [MPa] 

N10-03-1 843.5 13.0 - - 

N10-05-1 850.7 38.0 - - 

N10-07-1 872.4 44.4 - - 

N20-03-1 683.3 13.6 658.2 30.3 

N20-05-1 712.2 13.7 685.0 26.6 

N20-07-1 799.9 29.2 789.5 53.5 

N20-03-3 642.5 28.9 557.2 25.2 

N20-05-3 685.5 6.9 690.5 8.6 

N20-07-3 739.0 39.3 750.5 32.0 

 

 Figure 5.14 presents a comparison of the peak failure stresses for all the unnotched 

and notched specimens tested using the fixed head. The unnotched specimens have 

been typically used to measure the TT compressive strength of the material, 𝑋 . For 

the rectangular specimens, the peak stress of the most slender specimens, UN6, is 

slightly lower than the rest. In such specimens, the loaded surfaces are very small, and 

any minor defect could cause premature failure. The other rectangular specimens 

presented more consistent peak stress results. The waisted specimens failed at the 

highest compressive stress values, possibly since the stress on the loading surfaces was 

not as high as within the ligament area, unlike what occurred in the rectangular 

specimens.  

 

 For the 20 mm size notched specimens with 𝛼  values of 0.3 and 0.5, the failure 

stress in the ligament was similar to that observed in the unnotched specimens, for 

both the 1 mm and 3 mm notch tip diameters. The higher stress calculated for the 

specimens with 𝛼  of 0.7 can be attributed to the observed fracture regions. In Figure 

5.11 the N20-07-3 and especially the N20-07-1 specimens can be observed to fracture 

an area significantly larger than the minimum ligament, which was used to calculate 

the reported peak stress values. The same reasoning can be used to explain the 

consistently lower peak stress values of the 3 mm notch tip diameter specimens, when 

compared to those with a 1 mm notch tip, where the fractured area of the latter 
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specimens was never restricted solely to the ligament cross-section. Similarly, all the 

10 mm size notched specimens fractured across sections which were larger than the 

measured ligaments (see Figure 5.11), leading to an overestimation of their peak stress 

values. In summary, the unnotched and notched specimens failed at similar peak stress 

levels, and tended towards a common value with increasing size. 

 

 It is important to emphasise that, unlike in-plane notched specimens [164], these 

experiments showed no appreciable notch sensitivity in TT compression. This 

difference in notch sensitivity can be attributed to the different failure mechanisms 

which govern in-plane and TT fracture. While in-plane failure mechanisms are mostly 

fibre-dominated, TT failure is a matrix-dominated failure, where the fibre 

reinforcements are not being loaded along their axes.  

 

The lack of notch sensitivity can be confirmed by plotting the variation in the 

remote nominal strength, 𝜎 , with notch length ratio. Figure 5.15 presents the notched 

nominal strength of the N20-3-FX specimens, normalised with respect to the 

unnotched strength, which was taken to be the peak stress value of the UN14 

specimens (698.7 MPa). The notch insensitive curve represents a linearly decreasing 

normalised nominal strength with notch length ratio (𝜎 /𝜎 = 1 − (2𝑎 𝑤)⁄ ). The 

notch sensitive curve was calculated as [169]: 

 

 𝜎
𝜎 = 1

𝐾  (5.11) 

 

where 𝐾  is the stress concentration factor (SCF), derived from a set of linear elastic 

2D FE simulations for varying 𝛼  values, modelled within the software package 

Abaqus®.  
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Figure 5.14 – Comparison of compressive failure stress for all the unnotched and notched specimens tested with 

the fixed (FX) head. 

 

 

Figure 5.15 – Notch sensitivity plot for N20-3-FX notched specimens. 
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The SCF was calculated as the ratio of the maximum stress at the notch tip, 𝜎 , 

to the average nominal remote stress at the loading surfaces, 𝜎 : 

 

 𝐾 =   (5.12) 

 

 The nominal remote strength data for the N20-3-FX specimens, presented in 

Figure 5.15, was calculated as: 

 

 𝜎 =  (5.13) 

 

 These N20-3-FX notched specimens clearly possess a notch insensitivity, as do 

the remainder of the tested notched geometries (which were not presented in Figure 

5.15 to keep the image uncluttered).  

 

5.3.3 Intrinsic size effect on the notched strength 

The characteristic size, and the nominal remote strength values of the notched 

specimens calculated from Eq. (5.13), were converted to their intrinsic values using 

the conversion factors of Eq. (5.5). Figure 5.16 presents a bilogarithmic plot of the 

intrinsic strength variation with size. A slight apparent decrease in intrinsic strength 

can be seen for larger sizes. This arises from the previously described issue of the 

notched specimens not fracturing solely within the ligament cross-section, artificially 

increasing the calculated nominal strength of the smaller size specimens. The intrinsic 

strength of these specimens can in fact be assumed constant for all the tested notched 

geometries. Any attempt to fit a bilogarithmic size effect law to this set of data would 

be erroneous, and for the tested sizes failure is governed by the strength criterion 

(assumed equal to the unnotched strength of the material). If the material were to 

display a notch sensitivity, whereby a size effect arises and the behaviour gradually 

transitions to follow linear elastic fracture mechanics (LEFM), it would only manifest 

when testing significantly thicker specimens. Since a size effect law could not be fit to 

this data, the value assumed for 𝐺  earlier in the data reduction does not affect the 

results presented here. This would not be the case if an actual size effect had been 

observed. 
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Figure 5.16 –  Bilogarithmic plot of the intrinsic size and strength data.  

 

5.4 Conclusions 

An in-depth comparison of the unnotched and notched behaviour of thick 2D 

woven composites loaded in through-thickness compression has been performed. The 

elastic and strength properties were measured from the experimental results, while the 

notch sensitivity of the material was assessed. These results reveal that: 

 

 Moderately thick composite laminates (20 mm) can be used to accurately 

characterise the through-thickness compressive elastic and strength 

properties of the 2D woven CFRP. 

 Both rectangular and waisted unnotched specimens could be used to 

measure the through-thickness compressive strength. Except for the most 

slender rectangular specimens, no size effect was observed when 

measuring the strength of the material. 

 The fixed head setup was found to induce less out-of-plane bending of these 

small specimens than the self-aligning head. As a result, the measured 

strengths of the specimens were higher, indicating that the self-aligning 

head setup was resulting in an underestimated through-thickness 

compressive strength. 
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 The peak stress of notched specimens was found to be similar to the 

unnotched strength. It can be concluded that for the tested notched 

specimen sizes, there is no appreciable notch sensitivity. This is a 

significantly different behaviour than what has been reported for notched 

composites loaded in the in-plane directions. While in-plane intralaminar 

fracture mechanisms are more fibre-dominated, through-thickness fracture 

is dictated by the behaviour of the matrix. 

 This lack of notch sensitivity in compression does not allow for the 

measurement of a through-thickness compressive intralaminar fracture 

toughness, and failure is dictated by the strength criterion. Up to a laminate 

thickness of 20 mm, the strength criterion should be suitable for predicting 

overall failure in this loading regime. 
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Part III - Experimental testing and numerical 

modelling of coupon and structural level crushing 

 

Overview 

 This section describes the quasi-static and dynamic crushing of both coupon and 

structural-level geometries, performed first experimentally and then numerically. 

Chapter 6 starts by introducing the design and manufacturing details of flat and tubular 

coupons, and of the F1 Side Impact Structure. The rate-dependent crushing 

performance of both coupon and structural geometries is then discussed. This is 

followed by a detailed description of two composite material damage models in 

Chapter 7, used in Chapter 8 to perform quasi-static and dynamic crush simulations to 

model the physical testing in Chapter 6. Meso-scale (ply-level) and macro-scale 

(laminate-level) simulations were performed, and their fidelity was assessed against 

the computational cost. 

 

 

Chapters: 

6. Quasi-static and dynamic crushing of coupons and structures 

 

7. Meso-scale and macro-scale composite damage models 

 

8. Meso-scale and macro-scale crush modelling of coupons and structures 
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Nomenclature 

Experimental testing 

𝐴   specimen cross-sectional area 

𝐷   tubular coupon internal diameter 

𝐹   load 

𝑚   crushed mass of the SIS 

𝑠   crushing length 

𝑆𝐸𝐴  specific energy absorption 

SIS   F1 Side Impact Structure 

𝑡   nominal laminate thickness 

 

Meso-scale modelling 

𝐴 , 𝐴 , 𝐴  areas under the fibre-dominated compressive stress-strain curve 

𝑐 , 𝑐 , 𝑐  fitting coefficients for the nonlinear shear behaviour expression 

det 𝑭  determinant of the deformation gradient 

𝑑
/   damage variable in the 𝑖 − 𝑖 direction, for fibre-dominated failure in 

   tension (T) and compression (C) 

𝑑    damage variable from the mixed-mode matrix-dominated propagation 

𝐸    elastic modulus in the 𝑖 − 𝑖 direction 

FE   finite element 

𝐹 /
/   failure indices for in-plane fibre-dominated failure in tension (T) and 

   compression (C) 

𝐹
/    failure indices for through-thickness matrix-dominated failure in  

   tension (T) and compression (C) 

𝐹    failure index for through-thickness matrix-dominated compressive  

   failure under predominant shear stress 

𝐹 /   failure indices for matrix-dominated shear failure   

𝑙    characteristic element length 

𝑔
/   volumetric energy density in tension/mode I (I) and compression (C), 

   in the 𝑖 − 𝑖 direction 

𝐺    critical matrix-dominated mixed-mode energy release rate 

𝐺
/   critical energy release rate/fracture toughness in the 𝑖 − 𝑖 direction, in 

   tension/mode I (I) and compression (C)  

𝐺    shear modulus in the 𝑖 − 𝑗 plane 

𝐺    mode II critical energy release rate/fracture toughness in the 𝑖 − 𝑗 plane 
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𝐺     critical mixed-mode interlaminar fracture toughness 

𝐺    mode I interlaminar fracture toughness 

𝐺    mode II interlaminar fracture toughness𝑡 , 𝑡 , 𝑡  peak stresses under 

   pure cohesive shear (1,2) and normal (3) loading 

𝑉, 𝑉   deformed and initial volumes of the finite element 

𝑋    fibre-dominated compressive residual strength in the 𝑖 − 𝑖 direction 

𝑋
/   fibre-dominated material strength in the 𝑖 − 𝑖 direction, in tension (T) 

   and compression (C)  

𝛽   interlaminar mode-mixity ratio for the B-K expression 

𝜀    resultant strain on the matrix-dominated failure surfaces 

𝜀 ,  , 𝜀  resultant inelastic and total resultant strain at failure initiation on the 

   matrix-dominated failure surfaces 

𝜀    resultant final failure strain on the matrix-dominated failure surfaces 

𝜀     compressive strain in the 𝑖 − 𝑖 direction, when the compressive residual 

   strength is reached 

𝜀
/   failure initiation strain in the 𝑖 − 𝑖 direction, in tension (T) and  

   compression (C)  

𝜀
/    final failure strain in the 𝑖 − 𝑖 direction, in tension (T) and   

   compression (C)  

𝜀
/    strain in the 𝑖 − 𝑖 direction, in tension (T) and compression (C) 

𝜀    plastic shear stress 

𝛾    shear strain in the 𝑖 − 𝑗 plane 

𝜂   fitting parameter for the B-K mixed-mode interlaminar fracture  

   toughness expression 

𝜎    crush stress 

𝜎    through-thickness stress 

𝜎
/   through-thickness tensile (T) and compressive (C) stress at failure  

   initiation 

𝜎 / /   stress resultant in the 𝑖 − 𝑗 plane at failure initiation 

𝜏    shear stress in the 𝑖 − 𝑗 plane 

𝜏    shear stresses in the 𝑖 − 𝑗 plane at failure initiation 

𝜏    shear yield stress 

𝜏    combined shear stress in the cohesive surface 

 

Macro-scale modelling 

𝐶, 𝑝   fitting coefficients for the shear hardening function 
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𝑑   damage variable 

𝐸 , 𝐸  in-plane tensile elastic moduli of the warp and weft directions 

𝐸 , 𝐸  in-plane compressive elastic moduli of the warp and weft directions 

𝐹, �̇�  loading function and associated derivative, respectively 

𝐺    in-plane shear modulus 

𝐺 , 𝐺  mode I intralaminar fracture toughness of the warp and weft directions 

𝐺 , 𝐺  compressive intralaminar fracture toughness of the warp and weft  

   directions 

𝑯   compliance tensor 

𝑙    characteristic element length 

𝑀   mesh regularisation parameter 

𝑟, �̇�   internal variable related to the damage variable and associated  

   derivative, respectively 

𝑆    in-plane shear strength 

𝑇   simulation time 

𝑉    velocity of the crushing plate 

𝑋 , 𝑋  in-plane tensile strengths of the warp and weft directions 

𝑋 , 𝑋  in-plane compressive strengths of the warp and weft directions 

𝛽    shear damage parameter 

𝜺   strain tensor 

𝜀    plastic shear strain 

𝜈    in-plane tensile Poisson’s ratio 

𝜈    in-plane compressive Poisson’s ratio 

𝝈   effective stress tensor 

𝜏    shear yield stress 

𝜙, �̇�  damage activation function and associated derivative, respectively 
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6. Quasi-static and dynamic crushing of coupons and 

structures 

 

6.1 Introduction 

 F1 structures involve complex 3D geometries due to the aerodynamic 

requirements of the cars, making their crashworthiness difficult without extensive 

physical testing.  

 

 The mandatory crash sub-structure currently used on the sides of each F1 car, 

known as a Side Impact Structure (SIS), is based on a homologated design. This 

ensures that all teams need to use the exact same SIS design and material, unlike the 

front and rear crash structures which are developed independently. The SIS is a 

monolithic component, and is relatively easier and cheaper to manufacture when 

compared to other F1 crash structures, which are usually larger sandwich laminates 

with honeycomb cores. This also makes the SIS easier to simulate, and an ideal 

representative specimen to validate simulation tools. 

 

 This chapter focuses on the experimental axial crushing of a standard F1 SIS, 

tested at both quasi-static and dynamic rates, in order to understand whether such 

CFRP structures exhibit a rate-dependent energy absorption. Smaller coupons were 

also crushed, to observe whether there is a correlation between coupon and structural 

level crushing behaviour. Both flat and tubular coupons were tested, since the SIS 

possesses flat and curved regions, which could promote different crushing modes [85]. 

The results of these coupon level tests may be used to obtain crush stress parameters 

[85,86], for macro-scale shell-based crush simulations. 

 

6.2 Geometries, material, and manufacturing 

 The homologated SISs of current F1 cars are manufactured from the balanced 

(mechanical behaviour of the 0° and 90° plies is equal) 5-Harness-Satin (5HS) woven 

CFRP which was characterised in Part II of this work. There are actually two SIS 

design variants on each side of an F1 car, referred to as upper and lower [170], each 

composed of a different number of plies. These two SIS variants are located in the base 
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and at the top of each side-pod, respectively (refer to Figure 6.1b). In this study the 

upper SIS design was investigated, since it required less material to be made. This 

structure is composed of 14 plies at its base, tapering down to 8 plies within its crushing 

region. The layup for the SIS was [+45°/0°/+45°/-45°/-45°/+45°/0°/0°/-45°/90°/90°/-

45°/0°/+45°], where the drop-off plies 2-7 are in bold. The layup in the crushing region 

is [+45°/0°/-45°/90°]S with a nominal thickness of 2.4 mm.  

 

 
Figure 6.1– (a) Position of crash structures within an F1 car; (b) upper and lower Side Impact Structures in a F1 

side-pod (with the body-work removed) (adapted from [171]). 

 

 Figure 6.2a shows the inboard and outboard layups of the SIS, including the ply 

numbers. The ply seams were located at a different positon for each ply, in order to 
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minimise the seam effect. This figure also highlights the presence of an internal rib, 

constructed from plies 13 and 14. The layup of the SIS starts with two internal male 

moulds, around which plies 14, and then 13, are draped. These two moulds are then 

brought together, forming a 4-ply internal rib. The remaining 12 plies are then draped 

around the joined moulds, on top of plies 13 and 14. Figure 6.2b highlights the six ply 

drop-off at the base of the structure. 

 

 

Figure 6.2 – (a) Representative layup schematics of the inboard and outboard ends of the SIS; (b) cross-sectional 

view of the SIS, including the 6 ply drop-offs (all linear dimensions are given in mm). 

 

Due to the complex geometry of the SIS, each prepreg ply was cut using a CNC 

cutter, as normally done for such components. The structures were cured in an 

autoclave, following the recommended curing cycle. A 45° chamfer trigger was 

machined at the top end of each SIS, in order to promote progressive crushing. After 

trimming, each cured SIS had a nominal mass of 340 g. Figure 6.3a presents a trimmed 

SIS, shown from the front and bottom perspectives, for better visualisation. Each SIS 

was then mounted in a plastic base (Figure 6.3b), machined from solid plastic, in order 

to allow the structures to be clamped in both quasi-static and dynamic experimental 

setups. The structures were fixed in these mounting bases using an epoxy adhesive. 

The top of the mounting base reached up to the start of the ply drop-off region. 
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Figure 6.3 – Trimmed Side Impact Structure: (a) front and bottom views; (b) structure mounted in a plastic base. 

 

Flat and tubular coupons were also manufactured, in order to assess the crushing 

performance of the material at a coupon level, and to observe any possible curvature 

effects on the crushing modes and energy absorption. All coupons were 8 plies thick, 

to match the thickness of the crushing region of the SIS (nominal thickness, 𝑡 = 2.4 

mm). The tested coupon layups included [0°/90°]2S, [+45°/-45°]2S, and the [+45°/0°/-

45°/90°]S used in the SIS. These layups were tested in order to assess the influence of 

the ply orientation on the crushing performance of the material.  

 

 The flat coupons were cut from rectangular laminates, while the tubular coupons 

were cut from long tubes which were cured around a steel mandrel. Both coupon 

geometries necessitated the use of a trigger in order to initiate progressive crushing. 
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 The flat coupons were designed based on the crush coupon geometry proposed by 

Bru et al. [46], with a 30∘ TTT (triangular through-thickness) trigger, albeit in that 

work UD composite specimens were tested. Since the repetitive unit of the woven 

material (8 mm square) is significantly larger than that of a UD, the flat specimens 

tested here were larger than the ones tested by Bru et al. [46], in order to capture a 

better representation of the progressive crushing of the woven laminates.  

 

The detailed geometry of the flat coupons is presented in Figure 6.4a, which 

include a 63.5 mm gripping length for the specimen to be held in the bottom half of a 

CLC fixture. Figure 6.4b shows the untested flat coupons for the three different layups.  

 

The internal diameter of the tubes, 𝐷, was chosen to be 32 mm, as a close 

approximation to the curvature at the top of the SIS.  These tubes, 60 mm in length, 

had a 45° bevel/chamfer trigger machined at the top edge, to promote crushing. This 

trigger was chosen over tulip shape triggers found in literature [53], since it was easier 

to machine. The closed section tube, presented in Figure 6.5, was chosen since it is a 

free-standing geometry that does not require support during testing, and because the 

closed section avoids any free edge effects. 

 

 
Figure 6.4 – (a) Flat coupon geometry; and (b) flat coupons for the 3 tested layups. 
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Figure 6.5 – (a) Tubular coupon geometry; and (b) manufactured coupon. 

 

6.3 Experimental setups 

6.3.1 Quasi-static setups 

Coupons 

 The quasi-static flat and tubular coupons were tested using an electromechanical 

test machine equipped with a 100 kN load cell and a fixed head compression platen, 

under displacement-controlled loading at a rate of 2.5 mm/min. The flat coupons were 

supported during the test by means of a Combined Loading Compression (CLC) 

fixture, as shown in Figure 6.6. The clamping bolts of the CLC fixture were finger-

tightened, followed by a quarter turn using a hex key. This ensured the fixture would 

not open during testing, while making sure to avoid damaging the clamped surfaces of 

the coupons. The unsupported length of the flat coupons equated to 23.67 mm (8.67 

mm of trigger length, and 15 mm for constant cross-section crushing).  

 

 The tubular coupons did not require any supporting fixture and were crushed using 

the setup shown in Figure 6.7. For the flat coupons, the tests were stopped after 20 mm 

of crushing, to avoid contact between the CLC and the loading fixture, while the 

tubular tests were stopped after 30 mm of crush. Four flat and four tubular coupons 

were tested for each of the three layups. 
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Figure 6.6 – (a) Quasi-static flat coupon in a CLC fixture; and (b) experimental setup. 

 

Side Impact Structures 

 The quasi-static crushing of the SISs was performed in a similar electromechanical 

test machine, equipped with a 250 kN load cell, with a 25 mm/min displacement-

controlled loading rate. This speed was chosen in order to not make the test excessively 

time consuming, while staying within the quasi-static regime. The tests were stopped 

after 250 mm of crushing. The quasi-static test setup of the SIS is shown in Figure 6.8. 

Three SISs were tested under quasi-static crushing. The outer surface of the SISs was 

painted orange in order to be able to observe the crush progression more clearly.  

 

 
Figure 6.7 – Quasi-static test setup for tubular coupon crushing. 
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Figure 6.8 – Quasi-static test setup for Side Impact Structure crushing. 

 

6.3.2 Dynamic setups 

Coupons 

 A drop weight tower setup was used to crush the flat and tubular coupons 

dynamically. This testing was performed at the Cranfield Impact Centre. The flat 

coupons were supported using the CLC fixture, as done for the quasi-static tests. The 

tubular coupons were again left unsupported. For both the flat and tubular coupon tests, 

a load cell was placed beneath the coupons, as shown in Figure 6.9, in order to measure 

the load, at a sampling rate of 20 kHz. A 26 kg mass was used to crush the tubular 

coupons, while a 6.5 kg mass was used for the flat ones, due to the lower volume of 

material to be crushed in the latter. The target velocity at impact was set to 7 m/s for 

both coupon types (the maximum achievable using this drop tower). Using this impact 

velocity and the respective drop weights, the flat coupons were completely crushed, 
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while an 18 mm crushing length was obtained for the tubular coupons. Four flat and 

four tubular coupons were again tested for each of the three layups. 

 

 
Figure 6.9 – Dynamic test setup for flat and tubular coupon crushing. 

 

Side Impact Structures 

 The dynamic crushing of the SISs was also performed at Cranfield Impact Centre. 

Due to the significant amount of energy required to crush a SIS, the test could not be 

done using the drop tower used for the coupon tests. Instead, a sled impactor was used, 

with a mass of 780 kg (see Figure 6.10b), with a target impact velocity of 10 m/s (equal 

to the test velocity required for F1 certification). Due to the cost of each crush 

experiment, two SISs were crushed in the same test run. The experimental setup of the 

two SIS is shown in Figure 6.10a, including the plastic mounting and metal support 

structure. Separate load cells were used to measure the crushing load for each SIS (see 

Figure 6.10c), with a sampling frequency of 20 kHz. High speed cameras were placed 

at the top and side of the SISs, to track their dynamic crushing. Figure 6.11 presents 

sample images from both cameras, before impact.  
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 The actual F1 dynamic experimental certification test for these SISs is performed 

at an oblique crushing angle, rather than an axial one. This ensures that these crash 

structures are able to withstand an off-axis loading during crushing, without failing in 

an undesirable manner. In order to simplify the quasi-static loading test setup, and to 

be able to compare its result to the dynamic test, the SISs were crushed axially for both 

loading regimes. 

 

 

 
Figure 6.10 – Dynamic setup for Side Impact Structure (SIS) crushing: (a) two SIS mounted on a metal support 

structure; (b) 780 kg sled impactor; (c) two separate load cells to measure the individual crushing loads of both 

SIS. 
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Figure 6.11 – High speed camera images just before impact: (a) top view; (b) side view. 

 

6.4 Experimental results 

6.4.1 Coupons 

Quasi-static 

 The quasi-static [0°/90°]2S flat coupons crushed in a stable progressive manner. 

Splaying was found to be the predominant damage mode, while some ply 

fragmentation was also observed for the central plies of the coupons. The crushing 

debris of the inner plies forced the outer plies to be bent outwards. Delamination fronts 

were created between the two outermost plies on each side of the coupons. As the 

amount of debris in the central region increased, and the outermost plies offered less 

support, more of the inner plies started to bend outwards in a similar manner to the 

outermost plies [26]. After a significant progression of the crash-front, all of the plies 

ended up being bent outwards, with a central debris wedge being progressively forced 

to delaminate the plies beneath it. This debris wedge can be observed in Figure 6.12, 

together with the central delamination front that forms beneath it.  

 

 The crushing mode of these coupons was observed to change progressively from 

ply fragmentation to splaying. The early ply fragmentation, which mainly involves 

intralaminar damage, is a more efficient energy absorption mechanism than 

interlaminar splaying. This was corroborated by a progressive decrease in crushing 

load as splaying became more predominant. The various stages of crushing for a 
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typical [0°/90°]2S coupon are shown in Figure 6.13, presented from two viewing 

angles, including: (a) the start of the test; (b) outer ply bending and initial 

delaminations; (c) initial bending of the inner plies, and; (d) splaying of all plies with 

a central debris wedge. The crushing progression of the different layups were visually 

similar, and hence Figures 6.12 – 13 only present images for the [0°/90°]2S layup. 

 

 Coupons made from the other two layups buckled during the crushing of the 

triangular trigger, as can be observed in Figure 6.14. The flat coupons for these layups 

were then shortened by 15 mm, leaving only the triangular trigger exposed in the CLC. 

The trigger of these specimens was then pre-crushed, using the setup shown in Figure 

6.15a.  

 

 
Figure 6.12 – Crushed [0°/90°]2S flat coupon: (a) with central debris wedge; and (b) with debris wedge removed. 

 

 After this initial pre-crushing, the specimens were unloaded, the CLC fixture was 

opened, and a 15 mm spacer (made from the same CFRP laminate) was placed beneath 

the specimen, to achieve the original specimen height, as shown in Figure 6.15b. The 

[+45°/-45°]2S and [+45°/0°/-45°/90°]S coupons with a pre-crushed trigger were then 

crushed in a similar way to the [0°/90°]2S coupons, where ply splaying again became 

increasingly predominant as the crushing progressed. With the pre-crushed trigger, no 

buckling instability was observed. 
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Figure 6.13 – Progressive quasi-static crushing of a [0°/90°]2S flat coupon:(a) start of the test;(b) outer ply 

bending and initial delaminations;(c) initial bending of the inner plies;(d) splaying of all plies with a central 

debris wedge. 

  

 
Figure 6.14 – (a) Buckling of the [+45°/-45°]2S and [+45°/0°/-45°/90°]S flat coupons during quasi-static crushing; 

(b) asymmetric splaying due to buckling. 
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 The stress during crushing, 𝜎, was calculated from the load, 𝐹, as a function of the 

full-width rectangular cross-sectional area, 𝐴. For these flat coupons, 𝐴 was equal to 

72 mm2 (30 mm width, 2.4 mm thickness). The results for all four coupons are 

presented in Figure 6.16. 

 

 The crushing stress of the [0°/90°]2S coupons showed a tendency to decrease as 

the crush progressed beyond the peak at the end of the trigger. Interestingly, the crush 

stress of the pre-crushed [+45°/-45°]2S and [+45°/0°/-45°/90°]S coupons was, on 

average, higher than the one observed for the [0°/90°]2S coupons. The [+45°/0°/-

45°/90°]S coupons also presented a higher dispersion in results. An average crush 

stress, 𝜎 , was calculated for the coupons of the different layups, in a region of 

constant cross-section crushing, between the 10 mm and 17.5 mm displacement values 

(highlighted using dashed orange lines in Figure 6.16). The average and standard 

deviation of these crush stress values are listed in Table 6.1. 

 

 
Figure 6.15 – (a) Quasi-static experimental setup for pre-crushing the trigger of a shortened specimen; (b) pre-

crushed specimen replaced in the CLC fixture with a 15 mm spacer beneath it. 

 

 It is not known whether steady-state crushing was achieved within the crushed 

coupon lengths, or whether a further reduction in crushing load would be observed 

with a coupon having a longer crushing length. Furthermore, as shown from similar 

crush coupon tests in literature [44,85], there is a tendency to either overestimate the 

crush stress by having a short unsupported length which over-constrains the coupon, 

or to buckle the coupon by having a long unsupported length, as seen for two of the 
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layups tested here. Future improvements should include testing significantly longer 

flat coupons in a test setup which allows the unsupported coupon length to remain 

constant throughout the test, by having the coupon slide out of the fixture to crush 

against a plate at a fixed distance, as suggested by Barnes [172]. This would help avoid 

the need of pre-crushing specimens, by allowing the unsupported length to be adjusted, 

and it would allow testing longer coupons where a plateau value of the stress could be 

more easily identified. 

 

 The quasi-static [0°/90°]2S and [+45°/0°/-45°/90°]S tubular coupons crushed in a 

stable progressive manner. The mode of crushing was very similar to the one observed 

in the flat coupons, where initial ply fragmentation developed a central debris wedge 

along the entire circumference of the tubes. The outer plies then proceeded to splay. A 

steady-state crushing process developed once all eight plies had splayed. The quasi-

static [+45°/-45°]2S tubes did not crush progressively, and experienced a shear 

dominated failure away from the crash-front. Hence, the crushing results obtained for 

this layup were deemed invalid. A qualitative comparison of the quasi-static crushing 

for the four tubes for all three different layups is presented in Figure 6.17.  

 

Table 6.1 – Quasi-static averaged crush stress values for the flat coupons of the three different layups. 

Layup Average Crush Stress [MPa] Standard Deviation [MPa] 

[0°/90°]2S 93.7 9.2 

[+45°/-45°]2S 117.9 6.75 

[+45°/0°/-45°/90°]S 118.0 18.9 

 

 

 
Figure 6.16 – Crushing stress for the quasi-statically tested flat coupons of the three layups. 
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 The stress during crushing, for these coupons, was calculated in a similar way to 

the flat coupons, where the nominal cross-sectional area was equal to 𝐴 = 𝜋(𝐷 +

𝑡)𝑡 =129.7 mm2. The crushing stresses are shown in Figure 6.18. The values of 

average crush stress and its standard deviation, listed in Table 6.2, were calculated 

between crushing displacement values of 10 mm and 20 mm (highlighted in dashed 

orange lines in Figure 6.18b). The quasi-static crush stress values obtained from the 

tubular coupons, for the [0°/90°]2S and [+45°/0°/-45°/90°]S layups, was on average 

80% and 49% higher than the values obtained from the flat coupons, respectively. 

Furthermore, the average crush stress of the [+45°/0°/-45°/90°]S tubes is slightly higher 

than that observed for the [0°/90°]2S tubes, similar to what was observed by Feraboli 

for corrugated coupons [45]. 

 

 
Figure 6.17 – Quasi-statically crushed tubular coupons for the three different layups. 

 

 
Figure 6.18 – Crushing stress for the quasi-statically tested tubular coupons of the three layups. 
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Table 6.2 – Quasi-static averaged crush stress values for the tubular coupons of the three different layups. 

Layup Average Crush Stress [MPa] Standard Deviation [MPa] 

[0°/90°]2S 169.0 5.8 

[+45°/-45°]2S - - 

[+45°/0°/-45°/90°]S 176.2 6.6 

 

 Although splaying was dominant in the crushing processes of both the flat and 

tubular coupons, the latter offered a greater resistance to the progressing crash-front. 

Unlike in the flat coupons, as the tubular crushing progressed and the plies splayed, 

the hoop stress in the fibre tows that were oriented circumferentially around the tubes, 

increased [26]. Thus, in order for the splaying to progress further, these tows needed 

to fracture, in tension for the outer splaying plies, and in compression for the plies 

splaying towards the centre of the tube. These splits occurred at multiple locations 

around the circumference of the tubes, causing tearing and forming several individual 

fronds, as shown in Figure 6.19. The plies splaying inwards also offered a further 

increase in energy absorption due to the extra friction generated, as the inner splaying 

fronds were forced to crush into each other.  

 

 

 
Figure 6.19 – Top view of a typical crushed [0°/90°]2S tubular coupon, highlighting the central debris wedge, tow 

split lines and the fronds that form between these split lines. 
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Dynamic 

 The dynamically tested [0°/90°]2S flat coupons crushed in a stable progressive 

manner, similar to their quasi-static counterparts. Splaying was again found to be the 

predominant damage mode once the crush progressed. Due to the instability observed 

during quasi-static crushing of [+45°/-45°]2S and [+45°/0°/-45°/90°]S flat coupons, the 

same pre-crushing approach was adopted. These coupons were cut 15 mm short, pre-

crushed under quasi-static loading, and then tested in the drop weight tower setup, with 

the 15 mm spacer beneath them in the CLC fixture. The crushing stress results for the 

three different layups are presented in Figure 6.20.  

 

 The results for the four specimens of each tested layup were again consistent. 

However, there was an evident difference between the response of the [0°/90°]2S 

coupons and the pre-crushed [+45°/-45°]2S and [+45°/0°/-45°/90°]S coupons. The 

overall trend of the crushing loads of the [0°/90°]2S coupons was similar to that 

observed from quasi-static tests, albeit of a lower magnitude. A peak load was reached 

once the trigger had been completely crushed, and then the crushing load remained 

stable until the coupon was fully crushed and the impacting mass struck the CLC 

fixture.  

 

 A significant repetitive oscillation was observed in the dynamic crushing of 

[+45°/-45°]2S and [+45°/0°/-45°/90°]S coupons, similar to what was observed by 

Lavoie et al. [43]. This could be attributed to a dynamic instability of the experimental 

setup, where the coupons bent or twisted during the crush, or where the fixture itself 

was allowed to lift slightly on one side, since it was not clamped down on to the load 

cell. These oscillations could also reflect the material behaviour, with sudden 

progressive jumps in the delamination progression. Unfortunately, no high-speed 

video was recorded for these tests, and so it would be ill-advised to make any 

conclusions on which of these aforementioned possibilities could be the actual causes 

of these oscillations. Further studies need to be conducted on this method of dynamic 

flat coupon crushing, in order to understand whether the measured oscillations are a 

result of the coupon geometry or the experimental setup itself.  
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Figure 6.20 – Crushing stress for the dynamically tested flat coupons of the three layups. 

 

 The average crush stress results for the three different layups, calculated in the 

same way as for the quasi-static tests, are listed in Table 6.3. The average crush stress 

of the [0°/90°]2S coupons was calculated after the trigger had been completely crushed, 

between 11 mm and 16 mm of crushing displacement. The limits of the regions over 

which the crush stress was averaged are highlighted using dashed orange lines in 

Figure 6.20. In this region, the crushing velocity decreased from around 5 m/s to 4 m/s, 

as can be seen from the velocity-displacement profile in Figure 6.21a. For the other 

two layups, since the trigger had been pre-crushed, the average was taken between 4 

mm and 14 mm of crushing displacement, after the initial load peak had been eclipsed, 

and before the final load peak was reached, when the impacting mass came into contact 

with the CLC fixture. In this region, the crushing velocity decreased from around 6 

m/s to 4 m/s, as can be seen from the velocity-displacement profile in Figure 6.21b. 

These crushing velocities are higher than the 1 m/s threshold value mentioned by 

Feraboli [44], for which the crushing behaviour is said to transition from quasi-static 

to dynamic.  

 

 The average dynamic crush stresses obtained from these flat coupons seem to be 

similar for all the three different layups, yet the standard deviation is significantly 

higher for the [+45°/-45°]2S and [+45°/0°/-45°/90°]S coupons, due to the 

aforementioned oscillations in load. Furthermore, these results suggest there is an 

almost negligible 3% decrease in the energy absorption capability of the flat [0°/90°]2S 

coupons when tested dynamically, compared to the quasi-static values. A more 

significant 22-23% decrease was observed for the other two layups, when tested 

dynamically. 
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Figure 6.21 – Velocity-displacement profiles for a dynamic crush test of: (a) [0°/90°]2S; and (b) [+45°/0°/-

45°/90°]S flat coupons. 

 

Table 6.3 – Averaged crush stress values for the dynamically tested flat coupons of the three different layups. 

Layup Average Crush Stress [MPa] Standard Deviation [MPa] 

[0°/90°]2S 91.0 11.0 

[+45°/-45°]2S 90.9 38.8 

[+45°/0°/-45°/90°]S 93.0 34.0 

  

 The dynamic [0°/90°]2S and [+45°/0°/-45°/90°]S tubular coupons crushed in a 

progressive manner, where qualitatively, the mode of crushing was very similar to the 

one observed for their quasi-static counterparts. Unlike what was observed 

quantitatively for the quasi-static tube tests, the [+45°/-45°]2S tubular coupons also 

crushed in a stable manner, similar to the other two dynamically tested layups. The 

similarity was observed both visually, from the splayed fronds, and quantitatively, 

from the crushing stress responses, as seen in Figure 6.22.  

 

 All the dynamic tubular coupons exhibited an oscillatory crushing response, as 

evidenced in Figure 6.22. Although these oscillations were of a smaller magnitude than 

the dynamic oscillations observed from the [+45°/-45°]2S and [+45°/0°/-45°/90°]S flat 

coupons, their value is not insignificant. These oscillations, similar to what was 

reported by Reuter et al. [173], could either be a result of the dynamic experimental 

setup, as hypothesised from the flat coupon results, or they could arise from sudden 

circumferential fibre tow splits, discussed previously, that lead to sudden jumps in the 

delamination fronts and splaying progression. 
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 The average crush stress for these coupons was calculated using the same nominal 

cross-section of the quasi-static tubes. The average and standard deviation of the crush 

stress, listed in Table 6.4 for all three layups, was calculated over a crushing distance 

of 10 mm, between the 4 mm and 14 mm positions indicated in Figure 6.22. These 

positions equated to crushing velocities of around 6.5 m/s and 3.5 m/s, respectively, 

as shown from the velocity-displacement profile of Figure 6.23 for a typical tubular 

coupon test. 

 

Table 6.4 – Averaged crush stress values for the dynamically tested tubular coupons of the three different layups. 

Layup Average Crush Stress [MPa] Standard Deviation [MPa] 

[0°/90°]2S 135.3 34.3 

[+45°/-45°]2S 134.4 32.4 

[+45°/0°/-45°/90°]S 138.6 29.7 

 

 The average dynamic crush stresses obtained from these tubular coupons is quite 

similar for all the three different layups. The standard deviations are significantly 

higher than those of the quasi-static tubular coupons, due to the large load oscillations. 

Under dynamic loading, a decrease in average crushing stress of 20% and 21% was 

observed for the [0°/90°]2S and [+45°/0°/-45°/90°]S tubular coupons, respectively. 

 

 

 
Figure 6.22 – Crushing stress for the dynamically tested tubular coupons of the three layups. 
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Figure 6.23 –Velocity-displacement profile for a dynamic crush test of a tubular coupon. 

 

6.4.2 Side Impact Structures 

Quasi-static 

 All three quasi-static SISs crushed in a stable progressive manner, where both 

splaying and ply fragmentation were observed. The sequential crushing process is 

presented in Figure 6.24, at intervals of 50 mm. The crushed SISs were then sectioned 

for post-mortem analysis.  

 

 
Figure 6.24 – Experimental progression of the quasi-static crushing of a Side Impact Structure. 

 

 Due to the curved closed-section geometry, outward and inward ply splaying was 

restricted by the circumferential fibre tows, which resisted the hoop stresses in a 

similar manner to the tubular coupons. The progressive splaying eventually produced 

large tearing, after circumferential tows were forced to split, principally along the axial 
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lines which separated the flat and curved portions of the structure, highlighted in 

dashed black lines on the translucent isometric drawing of the SIS in Figure 6.25. 

Large fronds formed between these tear/split lines, shown after a completed crush test 

in Figure 6.26a. Tow splitting/tearing also occurred along the vertical edges of the 

inner rib structure due to asymmetric splaying.  

 

 As all the outer 6 plies were splayed outwards, the inner rib was split/torn from 

these adjoining plies, as shown in Figure 6.26a. Once these major split lines were 

formed, the fronds of the flat and curved portions of the outer envelope sections 

splayed progressively. Furthermore, the inner rib became unsupported on both sides, 

and was forced to bend and splay. The curved nature of the SIS, together with the large 

amount of debris created at the crash-front, promoted asymmetric ply splaying 

(unequal number of plies splayed to either side of the laminate), unlike what was 

observed in the flat and tubular coupons. 

 

  

 
Figure 6.25 – Axial paths of changing curvature along the Side Impact Structure, shown using dashed black lines. 

The axial and circumferential directions of the SIS are also indicated. The inner rib and outer envelope sections 

are identified. 
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 Even though a significant amount of debris was found compacted internally when 

sectioning the crushed SISs, the crash-front at the end of the tests evidenced outward 

ply splaying. Figure 6.26 presents cross-sections of both the curved and flat regions of 

the crushed SIS, where the laminate splayed entirely outwards for both regions. This 

asymmetry is an indication that the evolving crushing behaviour of the flat and curved 

regions of the SIS, and consequently the overall crushing efficiency, could be 

significantly different than that observed for the symmetrically splayed flat and tubular 

coupons, alluding to the lack of geometric scalability of crashworthiness discussed in 

literature [51,55]. Chambe et al. [61] showed that for tubular CFRP coupons, outward 

splaying of the entire laminate results in a decrease in crush efficiency (up to 20% 

when compared to symmetric splaying), since inward splaying plies would offer more 

energy absorption due to the friction between the fronds that form.  

 

 
Figure 6.26 – Sections of a quasi-statically crushed Side Impact Structure: (a) half-section; (b) quarter-section in 

the middle of a curved region; (c) quarter-section in the middle of a flat region. 
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 The crushing load responses of the three tested SISs are presented in Figure 6.27. 

The lack of a sharp peak load upon the initiation of crushing shows that this structural 

design is suitable for use as a crash structure, as it will crush progressively. This has 

been achieved through the non-uniform increasing cross-sectional area of the SIS, 

which promotes failure at the small front end. All three responses are shown to be quite 

similar. A load drop to 35 kN was noted for the 3rd SIS, QS-3. However, this SIS test 

was halted numerous times, and the structure was unloaded to take pictures, then 

reloaded and the test continued. The observed load drop was due to a visible localised 

buckling failure of some outer plies, which occurred just after reloading the structure. 

The other two SIS tests were continuous up to 250 mm of crushing and did not show 

any sign of unwanted failures. Hence, the load drop of QS-3 SIS was attributed to the 

unloading/reloading of the structure during the crushing, which could have caused 

stress redistributions resulting in the buckling failure. 

 

 The stress during these crushing tests was calculated using the cross-sectional area 

obtained from the CAD model of the SIS. This variation in cross-sectional area is 

presented in Figure 6.28, and the corresponding crush stress in Figure 6.29. 

 

 
Figure 6.27 –Crushing load for quasi-static testing of three Side Impact Structures. 
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 Figure 6.29 shows a progressive decrease in crush stress. The varying curvature 

of the SIS is the likely reason for this decrease. The SIS geometry changes from mostly 

curved at the top end, to include two large flat regions in between the curved sections 

further down. The inner rib, starting from 70 mm of crushing, is also a flat region. As 

seen from the flat and tubular coupon tests, curvature results in an increased crushing 

stress. This corroborates the gradual reduction in the crushing stress observed 

throughout the crushing of the SIS. 

 

 
Figure 6.28 - Variation in cross-sectional area of the Side Impact Structure. 

  

 The crush stress shown in Figure 6.29 varies from around 140-180 MPa at the start 

of the SIS, to around 100-120 MPa at 250 mm of crushing. These values are quite 

similar to the 176.2 MPa and 118.0 MPa crush stress values obtained from the quasi-

static tubular and flat coupon tests, respectively. Even if at 250 mm of crushing, the 

SIS still includes two curved sections which are being crushed, the asymmetric 

splaying observed in Figure 6.26b could justify why these regions are offering a lower 

crush resistance than the tested tubular coupons, due to the reduced friction discussed 

earlier. 
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 The specific energy absorption of a structure over its entire crushing length, 𝑠, can 

be calculated as: 

 

  𝑆𝐸𝐴 = ∫ 𝐹 𝑑𝑠 , (6.1) 

 

 Considering the total crushed mass, m, of the SIS to be 0.203 kg, the average quasi-

static 𝑆𝐸𝐴 is equal to 81.75 kJ/kg.  

 

 
Figure 6.29 - Stress during quasi-static crushing for three Side Impact Structures. 

   

Dynamic 

 The dynamic crushing process of the two SIS is presented in steps of 50 mm, in 

Figure 6.30. Large delaminations were observed from the post-mortem analysis, 

presented in Figure 6.31d. The significant delaminations allowed the individual plies 

to fold, rather than being forced to crush. Some of the delaminated plies were then 

compacted inwards, as shown in Figure 6.31b. After removing this compacted 

material, it was observed that the axial splitting lines were also present in these 

dynamically crushed tubes, similar to what was observed quasi-statically. These split 

lines, including the ones arising from the inner rib, divide the large fronds from each 

other, and can be observed in Figure 6.31a,c. 
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Figure 6.31 – Dynamically crushed Side Impact Structure (SIS): (a) two mounted SISs after the test; (b) half-

section of a SIS with compacted material inside; (c) same half-section but with the compacted material removed; 

(d) side view of the half-section, highlighting a number of significantly delaminated plies. 

 

 The load responses of the two dynamic tests are presented in Figure 6.32, overlaid 

on the three quasi-static results. Similar to what was observed quasi-statically, there is 

no significant load peak, and the load responses of both dynamic tests are quite 

consistent between them. However, once the SISs passed the phase of elastic response, 

there was an evident decrease in the load of the dynamic tests when compared to the 

quasi-static results, throughout the entire 250 mm of crushing. This decreased load 

corresponded to a reduction in the crushing stress, calculated in a similar manner to 

the quasi-static structures, and presented in Figure 6.33. Over the first 250 mm of 
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crushing, the velocity of the impacting mass decreased from approximately 10 m/s to 

5 m/s, as shown in the velocity-displacement profile of Figure 6.34. 

 

 
Figure 6.32 – Crushing load for two dynamically tested (DYN) Side Impact Structures, overlaying the three 

quasi-static (QS) results of Figure 26. 

 

 
Figure 6.33 – Stress during dynamic (DYN) crushing for two Side Impact Structures, overlaying the three quasi-

static (QS) results of Figure 28. 
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Figure 6.34 – Velocity-displacement profile for the dynamic Side Impact Structure crush test. 

 

 The crush stress results of  Figure 6.33 evidence a progressive decrease in crush 

stress, similar to the quasi-static results. This crush stress in Figure 6.29 varies from 

around 100-140 MPa at the start of the crush, to around 80-100 MPa at 250 mm of 

crushing. These values are quite similar to the 138.6 MPa and 93.0 MPa crush stress 

values obtained from the dynamic tubular and flat coupon tests, respectively. However, 

due to the uncertainties arising from the unstable flat coupon tests, and from the load 

oscillations of the tubular coupon tests, it is not clear whether the current results of the 

dynamic coupons can be directly applied to the numerical crash modelling of the SIS.  

 

 Considering the same total crushed mass of 0.203 kg as the quasi-static tests, the 

average dynamic specific energy absorption of these structures is equal to 60.07 kJ/kg. 

This equates to a 26.5% decrease in SEA from the quasi-static structures, which can be 

mostly attributed to the larger amount of delaminations observed in the dynamic 

experiments, which allowed the individual plies to fold rather than to crush. 

 

 

6.5 Conclusions 

 After comparing the experimental results obtained for the quasi-static and dynamic 

crushing of flat and tubular coupons for three different layups, and for the F1 Side 

Impact Structures, the following conclusions were drawn: 
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 The flat coupons crushed with symmetric ply splaying for all the tested layups 

and loading regimes. The average steady-state crushing stress was similar for 

all three layups but was consistently lower for the dynamic tests. These tests 

were susceptible to buckling and required some of the layups to use pre-

crushed coupons. Although the results were quite consistent in the quasi-static 

regime, dynamic results show a need for further development.  

 The tubular coupons also crushed with symmetric splaying, and the average 

crushing stress was similar for the [0°/90°]2S and [+45°/0°/-45°/90°]S layups. 

The average dynamic crushing stress was lower for these two layups. The 

quasi-static [+45°/-45°]2S tubular coupons buckled under quasi-static loading 

but crushed progressively when tested dynamically. 

 A significantly higher average crushing stress was noted for the tubular 

coupons over the flat ones, for both loading regimes. 

 The significant load oscillations in the dynamic flat and tubular coupon results 

obtained from the drop weight tower highlight the need of a better 

understanding of both the experimental setup and the coupon geometries, in 

order to ascertain whether such oscillations are the result of the material 

behaviour, or, more likely, a result of the setup. 

 The crushing efficiency of the SIS was shown to decrease as the crush 

progressed. Post-mortem examinations of the SIS evidenced a significant 

evolution of the crushing behaviour, with dominantly asymmetric outward ply 

splaying for both the flat and curved regions of the structure, possibly brought 

about as a result of the increasing mass of debris present at the crash-front. This 

crushing was evidently different to that observed in the tested coupons, which 

splayed symmetrically. 

 The current SIS design offers a lower crash energy absorption under dynamic 

loading, as it is susceptible to larger jumps in the delamination fronts, which 

weaken the crushing capability of each ply. By suppressing delaminations, 

such structures could be made more efficient.  
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7. Meso-scale and macro-scale composite damage models 

 

7.1 Introduction 

 Design engineers working on the development of composite crash structures are 

currently limited by the commercially available numerical modelling tools to predict 

the behaviour of such structures. Presently, in F1, structural level modelling of crash 

structures is usually performed using low-fidelity macro-scale approaches, where 

input parameters, such as the crush stress, are not intrinsic material properties. Thus, 

such parameters need to be acquired for every new laminate layup, geometric 

curvature, and crushing velocity that is to be modelled. Furthermore, simulation results 

from such macro-scale models always need to be verified by experimental testing, due 

to the lack of trust that currently exists. While higher fidelity meso-scale damage 

models exist, they have not yet been assessed with respect to modelling structural level 

crushing of large components, due to their higher computational costs. Thus, there is 

a need to assess and compare the fidelity and cost of both macro-scale and meso-scale 

approaches for use in crush modelling. Furthermore, there is a need to understand 

whether both types of approaches can be used separately at different scales, to combine 

their capabilities and provide a better framework for designing large composite crash 

structures while minimising experimental testing.  

 

This chapter presents an overview of two modelling approaches, and their 

corresponding material models, chosen for starting the benchmark on numerical tools 

for crashworthiness. These two approaches consist of meso-scale and macro-scale 

material models which were used in Abaqus®/Explicit crash simulations of the crush 

coupons and the SIS, with the results presented in the following chapter. At the meso-

scale level, composite failure can be classified into intralaminar and interlaminar 

mechanisms. In order to capture the intralaminar damage, the use of the Intra-CDM 

in-house damage model requires each ply of the coupon and SIS models to be 

discretised using 3D hexahedral elements. This damage model, implemented as a 

VUMAT subroutine, was originally developed by the Advanced Composites Research 

Group (ACRG) at Queen’s University Belfast (QUB), to capture the behaviour of UD 

composites [9,24,89,127,149], and was later adapted for 2D woven composites [25]. 

The UD version of the model was used in Chapters 3 and 4, to model the individual 
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tows in the numerical notch sensitivity study. The Abaqus® in-built surface-based 

cohesive behaviour was used to capture interlaminar failure between the plies. For the 

macro-scale approach, the SIS was modelled using an Abaqus® in-built composite 

damage model (same model being assessed by McLaren for their structures). This 

model was coupled with the CZone® add-on available within Abaqus®, which assigns 

a crush stress parameter to the material model, enabling the elements within the crash 

front to be progressively eliminated as the crushing surface progresses through them. 

The model was assigned to quadrilateral reduced-integration shell elements (S4R), to 

capture the laminate-level behaviour of the SIS. The use of one shell element through 

the thickness does not allow for an accurate representation of the through-thickness 

stress distribution, and no interlaminar damage can be modelled [174,175]. 

Furthermore, single shell elements cannot accurately resolve the stress state to allow 

for a correct intralaminar failure prediction at the ply-level. 

 

7.2 Meso-scale damage modelling 

7.2.1 Intralaminar damage model for woven composites 

 The intralaminar damage model developed by the ACRG at QUB is based on 

continuum damage mechanics (CDM), tracing its origins to the work of Lemaitre and 

Chaboche [176]. This model was implemented for use with 3D reduced integration 

hexahedral elements, and is comprised of strain-based failure initiation criteria coupled 

with an energy-based control for damage propagation. The model also accounts for 

shear nonlinearity, fibre-dominated damage interaction, damage irreversibility, and an 

efficient element deletion strategy. 

 

In-plane fibre-dominated failure initiation and propagation 

 For a 2D woven composite, the model assumes a bilinear response in the two 

principal in-plane fibre directions (1,2). The failure indices for fibre-dominated 

damage initiation in these two directions are calculated using strain criteria, in both 

tension and compression: 

 

 𝐹
/

= /  (7.1) 
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where the subscript 𝑖 = 1 = 2 indicates the principal warp and weft fibre directions, 

and the failure initiation strains (𝜀  and 𝜀  for tension and compression, 

respectively) are determined from the material strengths, 𝑋 / , and moduli, 𝐸 , in the 

respective directions (eg. 𝜀
/

= 𝑋
/

/𝐸 ). Once any of these functions reaches 

unity, damage is initiated in that respective failure mode. 

 

 For both tension and compression, the evolution of fibre-dominated damage in 

these two principal directions is a function of a monotonically increasing damage 

variable, 𝑑 / : 

 

 𝑑
/

=
/

/ / 1 −
/

/    (7.2) 

 

where the fibre final failure strains in tension and compression, 𝜀 / , are determined 

from the respective tensile or compressive strengths, fracture toughness, 𝐺 / , and the 

characteristic element length, 𝑙 : 

 

 𝜀
/

=
/

/
 

  (7.3) 

 

 For this woven damage model, the characteristic element length is that 

automatically determined by Abaqus®, as the cube root of the element volume, 𝑉. This 

calculation assumes that the lengths of all the element sides are equal [135], but this is 

not typically achievable when meshing composite plies, where the in-plane element 

dimensions are usually 0.5 – 2 mm, while the through-thickness element size is around 

0.1 mm, especially when using multiple elements through each ply thickness. This 

type of calculation also assumes that the failure plane, which for the 2D woven model 

is being assumed to be perpendicular to the principal material directions, also coincides 

with the mesh lines. If the failure is not aligned with the mesh lines, the energy 

dissipated using this characteristic element length calculation can be significantly 

overestimated [177]. A more complex calculation for the characteristic element length 

was implemented in the Intra-CDM for modelling UD composites [24]. However, in 
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order to reduce the computational cost of the meso-scale crush simulations, the 2D 

woven model here assumed the most basic of definitions for the characteristic length. 

 

 According to the crack-band model developed by Bažant and Oh [147], mesh 

objectivity can be achieved by calculating a failure strain for each element so that the 

dissipated energy equates to the fracture toughness of the material, following Eq. (7.3). 

In order to avoid a “snap-back” effect and ensure this correct energy dissipation, the 

maximum elastic energy which can be stored in an element has to be less than the 

fracture energy of the material. This needs to be taken into consideration when 

meshing the geometry, by satisfying the following inequality: 

 

 𝑙 ≤
/

/ /    (7.4) 

 

 The bilinear response of the model under fibre-dominated tension is shown in 

Figure 7.1a, where the tensile volumetric energy density, 𝑔 = 𝐺 /𝑙 , is represented 

by the blue shaded area. Intra-CDM can also consider the effect of the residual 

compressive strength, 𝑋 , on the fibre-dominated compressive response of the 

material, in the two principal fibre directions. This residual strength, akin to the one 

measured in Chapter 4, refers to the stress that the material can still withstand while 

crushing. The fibre-dominated compressive behaviour is changed from the bilinear 

response presented for tension, to that shown in Figure 7.1b. In this figure, 𝐴  

represents the compressive fracture volumetric energy density, i.e. 𝑔 = 𝐺 /𝑙 , as 

already described in Chapter 4. In this figure, the green area 𝐴  is only used for the 

computation of the compressive failure strain, 𝜀 , which is calculated as: 

 

 𝐴 = 𝐴 + 𝐴 ⇔ = + ⇔ 𝜀 =  (7.5) 

 

 Once the compressive strain, 𝜀 , is greater than 𝜀 , the stress that the material 

can withstand remains constant, and the compressive damage variable, 𝑑  is kept 

constant. The definition of 𝜀  is implicitly given from geometric considerations.  

 



7. Meso-scale and macro-scale composite damage models 

155 
 

 
Figure 7.1 – Stress strain response under uniaxial tension (a) and compression (b) along the two principal fibre 

directions. 

 

 The model also accounts for the interaction between the tensile and compressive 

fibre-dominated damage modes. The presence of any compressive damage is assumed 

to affect the tensile response, since the formation of a kink-band is thought to reduce 

the ply stiffness if reloaded in tension. Thus, the tensile damage variable is increased 

equally with the compressive damage variable, degrading the elastic material response 

for both tension and compression. If tensile damage is already present, then the value 

of the tensile damage variable is given by: 

 

  (𝑑 = max 𝑑  , 𝑑 ) (7.6) 

 

 On the other hand, the presence of tensile damage is not thought to have an effect 

on the compressive response, since it is assumed that after fibre tensile breakage, the 

surrounding matrix is still able to support the fibre if subsequently loaded in 

compression [71]. Thus, the tensile damage variable is only used to degrade the tensile 

elastic parameters, and the compressive damage variable is only influenced by 

compressive stress states. Furthermore, both tensile and compressive damage are 

assumed irreversible, so that the damage variables can only increase in value. 
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Matrix-dominated shear and through-thickness failure initiation and 

propagation 

 The through-thickness tensile and compressive behaviour of woven composites 

was again modelled using a bilinear law, similar to that used for the in-plane behaviour. 

The shear response, both in-plane and through-thickness, was modelled using a 

nonlinear expression: 

 

 𝜏 =  𝑐 ∗ [𝑠𝑖𝑔𝑛 𝛾 ∗ 𝑒𝑥𝑝 𝑐 ∗ 𝑠𝑖𝑔𝑛 𝛾 ∗ 𝛾  

 −𝑠𝑖𝑔𝑛 𝛾 ∗ 𝑒𝑥𝑝 𝑐 ∗ 𝑠𝑖𝑔𝑛 𝛾 ∗ 𝛾 ]  (7.7) 

 

where the subscripts 𝑖, 𝑗 = 1,2,3; 𝑖 ≠ 𝑗 refer to the three principal material orientations. 

𝛾  and 𝜏  are the shear strain and stress in the respective shear planes, and 𝑐 , 𝑐 , 𝑐  

are three fitting coefficients. The model is also capable of accounting for shear 

modulus degradation to govern the behaviour in both unloading and reloading 

conditions. 

 

 The failure indices for matrix-dominated damage initiation in the through-

thickness direction are calculated using the Northwestern University (NU) stress-based 

criteria for woven composites [178], in both tension and compression: 

 

 𝐹 = + +  (7.8) 

 𝐹 = + +   (7.9) 

 

where the subscript 3 indicates the through-thickness direction, and 𝜎 , 𝜎 , 𝜏  and 

𝜏  are the failure initiation stresses for through-thickness tension, compression, and 

shear respectively. Once any of these functions reaches unity, damage is initiated in 

that respective failure mode. The tensile failure governed by Eq. (7.8) refers to 

intralaminar failure and is unlikely to be initiated since tensile stresses through the 

laminate thickness would first result in delamination. The failure index for through-

thickness compression is only valid if the compressive stress is larger than the through-

thickness shear stress, i.e. 𝜎 > 𝜏 / .  
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 If shear stresses are more predominant, failure initiation is dictated by another 

index, 𝐹 : 

 

 𝐹 = + + 2   (7.10) 

 

 Two other shear dominated failure initiation criteria were implemented in the 

model, following the NU theory: 

 

 𝐹 = +  (7.11) 

 𝐹 = +  (7.12) 

 

 These two criteria represent shear dominated failure initiation as a result of a 

combination of in-plane and through-thickness shear stresses. These indices are again 

activated once the respective failure index reaches a value of 1. Once a matrix-

dominated failure is initiated, the resultant initiation stresses acting on the respective 

failure surfaces, equal to 𝜎 , 𝜎  and 𝜎 , are given by: 

 

 𝜎 = (𝜏 ) + (𝜏 )  (7.13) 

 𝜎 = (𝜏 ) + (𝜏 )  (7.14) 

 𝜎 = 𝜎
/

+ (𝜏 ) + (𝜏 )  (7.15) 

 

where 𝜎 , 𝜎  and 𝜎  correspond to the failure initiations governed by Eq. (7.11), Eq. 

(7.12) and Eq. (7.10), respectively. 𝜎
/  is the through-thickness stress, and 

𝜏  (𝑖, 𝑗 = 1,2,3; 𝑖 ≠ 𝑗) is the shear stress, at failure initiation. 

 

 For all cases of matrix-dominated failure, damage propagation variables are 

defined for all three failure planes perpendicular to the principal directions: 

 

 𝑑 = , 1 − ,

,

  (7.16) 

 



7. Meso-scale and macro-scale composite damage models 

158 
 

where 𝑑  (𝑖 = 1,2,3) is the matrix-dominated damage variable resulting from 

combined shear stresses, and through-thickness tension and compression. 𝜀 , 𝜀 ,  

equate to the total and inelastic strain resultants at damage initiation, and 𝜀  equates 

to the resultant final failure strain, given by: 

 

 𝜀 =
 

 (7.17) 

 

where 𝐺  (𝑖 = 1,2,3) is the critical mixed-mode energy release rate. The values for 

𝐺  are given by [25]: 

 

 𝐺 = 𝐺 + 𝐺  (7.18) 

 𝐺 = 𝐺 + 𝐺  (7.19) 

 𝐺 = 𝐺 / + 𝐺 + 𝐺  (7.20) 

 

where 𝐺  (𝑖, 𝑗 = 1,2,3; 𝑖 ≠ 𝑗) are the mode II intralaminar fracture toughness values, 

and 𝐺 /  is the through-thickness mode I or compressive fracture toughness, depending 

on the tensile or compressive nature of the failure initiation. 

 

Element deletion 

 The deletion of elements is of significant concern in crush simulations, which 

typically involve significant element distortion. Excessive element distortion can 

result in the simulation being aborted. However, care must be taken to not delete 

elements at a stage when they are still in a stressed state, as this could lead to an overly 

conservative simulation, where the elements are deleted before the correct amount of 

energy can be dissipated during their softening. In this damage model, elements were 

deleted based on two principle criteria. Firstly, elements were deleted if any of the 

fibre-dominated damage variables, 𝑑
/ , were sufficiently high (> 0.99). Secondly, 

elements were deleted based on the determinant of their deformation gradient, det F, 

which is a ratio of their deformed volume, 𝑉, to their initial volume, 𝑉 . This is akin 

to the element deletion strategy adopted in the model presented in the numerical 
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studies of Chapters 3 and 4. When making use of the residual compressive stress 

parameter, elements could not be deleted based on 𝑑 , since the residual strength of 

the material was present beyond 𝑑 > 0.99. Instead, elements in a compressive stress 

state were deleted using the lower limit of the det F. As a consequence, energy 

dissipation in compressive crushing is directly related to this imposed lower limit. 

 

 For a complete description of the implementation of the Intra-CDM model in 

Fortran, for both UD and woven composites, the reader is referred to the published 

works in literature [25,127]. 

 

Model limitations 

 The intralaminar damage model possesses a few limitations which can 

significantly affect the numerical results. Firstly, the model was developed for sole use 

with 3D hexahedral reduced integration elements. These elements are prone to zero-

energy modes of deformation (hourglassing), especially under the complex loading 

conditions that arise during crushing. Furthermore, this restriction of element type 

complicates the meshing procedure, especially for complex geometries. The element 

deletion criteria also need further development, especially with respect to shear 

dominated damage propagation. The effect of shear damage on the residual load 

bearing capability of the weave still needs to be better understood. The damage model 

also needs to be further improved to account for strain rate effects, in order to capture 

the material behaviour under dynamic loading conditions. 

 

7.2.2 Interlaminar damage model  

 The Abaqus® in-built surface based cohesive behaviour was used to model the 

interlaminar regions between each ply. This approach was chosen over the use of 

cohesive elements since it is quite simple to apply, and has already been used in other 

meso-scale crush simulations in literature [9,71]. 

 

 The cohesive surfaces defined between each ply of the coupon and SIS models 

were modelled by a bilinear traction-separation relationship. Failure initiation is 

governed by a quadratic stress criterion: 
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 + +
〈 〉

≥ 1 (7.21) 

 

where 𝑡 , 𝑡  represent the peak stress values for pure shear in the 1 and 2 directions 

on the plane of the cohesive surface, and 𝑡  is the peak value for a pure stress normal 

to the cohesive surface. The combination of shear stresses on the cohesive surface can 

be defined as 𝜏 = 𝑡 + 𝑡 . The delaminations in the interlaminar region are 

propagated using the Benzeggagh and Kenane mixed-mode criterion [179]: 

 

 𝐺 = 𝐺 + (𝐺 − 𝐺 )𝛽  (7.22) 

 

where 𝐺  is the mixed-mode fracture toughness, 𝐺  and the 𝐺  are the mode I and 

mode II interlaminar fracture toughness values, 𝛽 is the mode-mixity ratio (𝛽 =

𝐺 /(𝐺 + 𝐺 )), and 𝜂 is a fitting parameter obtained from mixed-mode 

delamination testing. 

 

 The penalty stiffness of the cohesive surface was chosen according to the 

recommendations of Turon et al. [180]. Since the mesh size was dictated by the 3D 

ply elements, the cohesive strengths were adjusted in order to maintain a minimum of 

three elements in the cohesive zone [180], with a penalty stiffness of 𝐾 = 10  N/mm3. 

 

7.3 Macro-scale damage modelling 

7.3.1 Abaqus® orthotropic composite damage model 

 An Abaqus® in-built orthotropic constitutive material damage model, was used to 

describe the material behaviour of the SIS. This model, implemented as a VUMAT 

subroutine, can be accessed by using a material name string such as 

ABQ_PLY_FABRIC [135]. This material model is based on Continuum Damage 

Mechanics (CDM), and was developed for the calculation of the initiation and 

propagation of laminate-level damage of 2D woven composite materials [181]. The 

entire laminate is modelled by a single shell element through-thickness, and 

consequently, interlaminar damage, i.e. delamination, is not considered here. This 

material model was previously used by other researchers, who successfully managed 

to simulate the crushing behaviour of this type of material [70,182]. It assumes a linear-
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elastic up to failure type of response for the longitudinal and transverse directions, 

whereas for shear, it considers an elastic-plastic formulation accounting for damage. 

 

 Following CDM, the transmitted stress tensor, 𝝈, after damage initiation, 

corresponds to the average stress tensor over a representative volume that is assumed 

to be much larger than the diameter of a single fibre. The effective stress tensor, 𝝈, is 

related to 𝝈, through different damage variables, accounting for different types of 

damage mechanisms, in the longitudinal direction, 𝑑 , in the transverse direction 𝑑 , 

and shear 𝑑 .  The strain tensor, 𝜺, is in turn related to the effective stress tensor, by 

the laminate compliance tensor, 𝑯, which is given as: 

 

 𝑯 =
𝝈

=

⎣
⎢
⎢
⎢
⎡( )

− 0

−
( )

0

0 0
( ) ⎦

⎥
⎥
⎥
⎤

.  (7.23) 

 

 Both in-plane damage variables, 𝑑  and 𝑑 , are associated with fibre damage in 

the 1 and 2 principal directions, whereas 𝑑  is related to matrix micro-cracking due 

to shear deformation. The model differentiates between tensile and compressive 

damage, in both in-plane directions, making it necessary to define both damage modes 

as follows: 

 𝑑 = 𝑑
〈 〉

| |
+ 𝑑

〈 〉

| |
, (7.24) 

 𝑑 = 𝑑
〈 〉

| |
+ 𝑑

〈 〉

| |
.  (7.25) 

 

 Depending on the sign of the trace of the strain tensor, 𝜺, the values of the elastic 

constants are assumed to take their tensile and compressive counterparts. This does 

not cater for when the two principal fibre directions are being stressed in opposing 

tensile and compressive states. In shear, an associative flow rule is assumed, and a 

yield function is used in order to transition from elasticity to plasticity, with a 

hardening function described as: 

 

 𝜏 (𝜀 ) = 𝜏 + 𝐶(𝜀 ) ,  (7.26) 
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where 𝜀  is the plastic shear strain, 𝜏  is the shear yield stress, and 𝐶 and 𝑝 are fitting 

coefficients. The loading functions for both fibre-dominated damage (tension and 

compression) take the form of a maximum stress criterion, i.e. for the in-plane 

direction: 

 

 𝜙
/

=
/

/ ;    for  𝛼 = 11, 22,  (7.27) 

 

and for in-plane shear loading conditions: 

 

 𝜙 = ,  (7.28) 

 

where 𝑋 / are the in-plane tensile/compressive strengths of the principal directions, 

and 𝑆  is the in-plane shear strength of the material. The damage activation functions 

are defined as: 

 

 𝐹
/

= 𝜙
/

− 𝑟
/

;     𝑓𝑜𝑟 𝛼 = 11, 22,  (7.29) 

 

 𝐹 = 𝜙 − 𝑟 ,  (7.30) 

 

where 𝑟 is an internal variable, which depends on the damage mode itself, and is given 

as: 

 

 𝑟
/

= max 1, max
→

𝜙
/

(𝑇) ;     𝑓𝑜𝑟 𝛼 = 11, 22,  (7.31) 

 𝑟 = max 1, max
→

(𝜙 (𝑇)) .  (7.32) 

 

 Before damage initiation (0 < 𝜙 < 1), the damage activation function is negative 

(𝐹 < 0). As soon as the damage initiation criterion is activated (𝜙 = 1), the associated 

damage activation function has to be zero (𝐹 = 0). Since the damage thresholds are 

non-decreasing quantities, they have to obey the Kuhn-Tucker complementary 

conditions, and the consistency condition, to distinguish loading from unloading 

conditions. The in-plane axial damage variables are functions of the internal variables, 
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the intralaminar fracture toughness associated to each failure mode, 𝐺 , and a 

characteristic element length, 𝑙 , ensuring a proper amount of energy dissipation 

before element deletion. The in-plane axial damage variables are given by: 

 

 𝑑
/

= 1 − / exp −𝑀 𝑟
/

− 1 ,  (7.33) 

where the parameter 𝑀 represents a mesh regularisation parameter which conveys the 

numerical model with mesh size independency [147], and is defined by: 

 

 𝑀 =
/

/
.  (7.34) 

 

 The shear damage variable is simply given by: 

 

 𝑑 =  min(𝛽 ln(𝑟 ) , 𝑑 ),  (7.35) 

 

where 𝛽 > 0, and 𝑑 ≤ 1 are material properties. This shear damage variable is 

used to degrade the shear modulus, 𝐺 . However, the shear stress-strain relation is 

monotonically increasing and does not including any softening. As a result, the model 

does not require any input of shear fracture toughness to dissipate energy, and hence 

there can be a mesh size dependency for shear stress states. 

 

 This model provides two principal methods for eliminating damaged elements. 

Similar to the meso-scale intralaminar material model, elements can be deleted when 

either the tensile or compressive fibre-dominated damage variables reach a value of 

unity. There is also an option of delaying element deletion until a fibre-dominated 

damage variable reaches unity in both fibre directions. Furthermore, elements can also 

be deleted based on a maximum value of plastic shear strain. For the SIS model, a 

conservative approach was taken with element deletion, by allowing elements to be 

deleted if any of the fibre-dominated damage variables reached a value of 0.99. This 

would allow any failure away from the crash-front to be identified earlier. 
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7.3.2 CZone® 

 The constitutive material model was combined with the CZone® add-on for 

Abaqus®/Explicit [135], making use of a user-defined field, i.e. a VUSDFLD,  in order 

to model the crushing behaviour of the elements at the crash-front. CZone® requires 

the input of crush stress parameter data, which was shown to be a structural property 

influenced by ply orientations, coupon geometry, and crushing velocity. Figure 7.2 

summarises the contribution of the CZone® add-on to the element behaviour in the 

numerical simulations. 

 

 
Figure 7.2 – Outline of the node assignment of shell elements at the crash-front using the CZone® add-on. 

  

 For the SIS crush simulations, the nodes of the elements at the initial crash-front 

(top edge of the SIS) were assigned as “trigger” nodes, while the rest of the nodes of 

all shell elements were designated as “no trigger” nodes. Any shell element which 

contains a “trigger” node would allow the initiation of crushing, as its compressive 

response would be limited by the imposed crush stress (Figure 7.2d). All nodes sharing 

an edge with a “trigger” node are marked as the next crushable “trigger” nodes (see 

Figure 7.2c). Elements that contain “no trigger” nodes, which are far-away from the 

crash-front, assume a material response following the material model described in the 

previous sub-section, as presented in Figure 7.2e. The elements are deleted if all the 

nodes of the element have completely passed through the crushing plate. For more 
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information regarding the CZone® add-on for Abaqus®/Explicit, the reader is referred 

to Refs [135,183]. 

  

7.4 Summary 

 This chapter has summarised the theoretical background of the material models 

used for both the meso-scale and macro-scale simulations which will be presented in 

the next chapters. The details of the in-house intralaminar damage model for woven 

composites have been discussed in detail, and its current limitations have also been 

highlighted. Overviews of the interlaminar cohesive surface model, macro-scale 

damage model and the CZone® add-on were also presented. A list of all the required 

material input parameters, required for modelling the crush coupons and SIS, is 

discussed in the following chapter. 
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8. Meso-scale and macro-scale crush modelling of coupons 

and structures 

 

8.1 Introduction 

 This chapter focuses on the Finite Element (FE) crush modelling of the flat and 

tubular coupons and the standard F1 Side Impact Structure, experimentally tested in 

Chapter 6. The coupons are modelled using the meso-scale (ply-level) damage 

modelling approach, while the SIS is modelled using both meso-scale and macro-scale 

(laminate-level) damage modelling approaches, presented in Chapter 7, in order to 

compare them in terms of their accuracy and computational costs. All FE models were 

generated using the software package Abaqus® [135]. The numerical crushing 

response of the coupons is compared to the experimental results, in order to determine 

whether their average crush stress, 𝜎 , can be accurately predicted using these virtual 

meso-scale coupons. This was only performed for the quasi-static loading case, as the 

Intra-CDM meso-scale damage model has not yet been adapted to model strain-rate 

dependencies, and more importantly, because the material under investigation has not 

yet been characterised under dynamic conditions. The quasi-static crushing response 

of the SIS obtained using the meso-scale damage modelling approach is compared to 

the experimental results, on a qualitative and quantitative basis. The macro-scale 

damage modelling approach is used to predict both the quasi-static and dynamic 

responses of the SIS, using the crush stress data obtained from the flat and tubular 

coupon experiments of Chapter 6. 

 

8.2 Flat coupon quasi-static meso-scale simulations 

 A 3D virtual model of the flat coupon was generated in Abaqus®, based on the 

experimental geometry presented in Chapter 6. Simulations were performed for all the 

three layups tested experimentally, using the Abaqus®/Explicit FE solver. The 

computational cost was of 24 hours, running on 20 Intel® Haswell® CPUs. Variable 

mass scaling was selectively applied throughout all the quasi-static simulations to the 

smallest elements, to reduce the computational time. A quasi-static response was 

maintained by ensuring that the kinetic energy remained well below 5% of the internal 

energy of each model (refer to Figure 8.10). The virtual coupon consisted of 8 plies, 
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each 0.3 mm thick. The flat coupon model is presented in Figure 8.1a, together with 

the applied boundary conditions, which mimic the experimental constraints provided 

by the CLC fixture. An analytical rigid body was used to model the crushing plate, and 

was assigned a smooth-step velocity amplitude. 

 

 In order to capture the bending behaviour of the plies using 3D reduced integration 

hexahedral elements (C3D8R), each ply was meshed using three elements through its 

thickness (see Figure 8.1b). This element formulation had to be used in order for the 

Intra-CDM model to be assigned. Within the crushing region of the coupon, the in-

plane size for all elements was approximately 0.3 mm. In total, the virtual flat coupon 

consisted of approximately 295,000 3D hexahedral elements. A stiffness-based 

hourglass control was employed to suppress the spurious energy modes that arise from 

using reduced integration elements, leading to a substantial amount of artificial strain 

energy being introduced to control these zero-energy modes of deformation (refer to 

the results of Figure 8.10). This amount of artificial energy is not ideal, but considering 

that reduced order 3D solid elements are here being used to simulate crushing, which 

involves significant deformations, it was to be expected. Furthermore, distortion 

control was used in order to resist element inversions or excessive distortions. For all 

meso-scale simulations of the coupons and the SIS, elements were deleted using the 

following strategy [71]: 

 

Delete element if =
𝑑 / > 0.99

det 𝑭 ≤ 0.8 ∨ det 𝑭 ≥ 1.6
 

 

 These det 𝑭 limits were chosen as a compromise between not deleting the 

elements too early (thus not allowing the element to dissipate enough energy) and not 

causing the simulation to abort due to excessive element distortions.  

 

 The interlaminar regions were modelled using the surface based cohesive 

behaviour described in Chapter 7. A general contact explicit formulation, using an 

isotropic penalty friction approach, was used to model the contact between the 

crushing plate and the flat coupon, and for self-contact between the elements of all the 

8 plies. A value of 0.25 was used for the coefficient of friction [71,73]. 



8. Meso-scale and macro-scale crush modelling of coupons and structures 

169 
 

 
Figure 8.1 – (a) FE model of a flat coupon, with the applied boundary conditions: (b) lateral view of the 

[0°/90°]2S coupon, showing the mesh (three elements through the thickness of each ply), and highlighting the 

curvature included in the crushing plate. 

 

  The mechanical properties used to simulate the mechanical behaviour of the plies 

are reported in Table 8.1. The in-plane elastic and strength properties were supplied 

by McLaren, while the fracture toughness values were those obtained from the in-

house experimental characterisation reported in Chapters 3 and 4. The in-plane shear 

fracture toughness was estimated from literature [115]. The through-thickness 

compressive properties were taken from the work of Chapter 5, while the tensile and 

shear properties could not be easily measured, and were estimated from literature for 

similar woven materials [25,104]. The interlaminar properties (Table 8.2) used by the 

Abaqus® cohesive surfaces could not be obtained through in-house characterisation, 

as Mode I, Mode II and mixed-mode test specimens could not be provided in time by 

the industrial partner. Thus, the values used in the simulations had to be taken from 

literature, from tests performed on similar 2D woven CFRPs [25,180,184]. The 

intralaminar and interlaminar properties presented here were also used for the meso-

scale modelling of the tubular coupons and SIS presented in the following sub-

sections. 
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Table 8.1 – Ply-level mechanical properties for the meso-scale intralaminar damage model 

 

 Initially, the crushing plate was designed to be flat, to replicate the flat rigid platen 

that was used experimentally. However, when using a flat plate, the coupons 

proceeded to crush in an unrealistic manner, as shown in Figure 8.2, where no ply 

splaying developed. Instead, elements proceeded to crush in a perfectly vertical 

manner without being subjected to any out-of-plane loading. Due to the adopted 

deletion strategy, elements at the crash front were removed once their det 𝑭 value 

Mechanical property Ply-level values 

In-plane elastic moduli 𝐸 / = 62.60  GPa 

In-plane compressive elastic moduli 𝐸 = 7.84  GPa 

In-plane Poisson’s ratio 𝑣 = 0.03 [-] 

Through-thickness Poisson’s ratios 𝑣 / = 0.61 [-] 

In-plane shear modulus 𝐺 = 3.69  GPa 

Through-thickness shear moduli 𝐺 / = 2.7 GPa 

In-plane shear fitting coefficients (𝑐 , 𝑐 , 𝑐 ) 79.8, 1.282, −69.32 

Through-thickness shear fitting coefficients (𝑐 , 𝑐 , 𝑐 ) 72.07, 0.1592, −63.37 

In-plane tensile strengths 𝑋 / = 1046 MPa 

In-plane compressive strengths 𝑋 / = 595 MPa 

In-plane residual compressive strengths 𝑋 / = 92.7 MPa 

Through-thickness tensile strength 𝑋 = 90 MPa 

Through-thickness compressive strength 𝑋 = 698.7 MPa 

In-plane shear strength 𝑆 = 125 MPa 

Through-thickness shear strengths 𝑆 / = 125 MPa 

In-plane Mode I intralaminar fracture toughness 𝐺 = 𝐺 = 96.2 kJ/m2 

In-plane compressive intralaminar fracture toughness 𝐺 = 𝐺 = 32.5 kJ/m2 

In-plane shear fracture toughness 𝐺 = 34.0 kJ/m2 

Through-thickness Mode I intralaminar fracture 

toughness 
𝐺 = 0.8 kJ/m2 

Through-thickness compressive intralaminar fracture 

toughness 
𝐺 = 32.5 kJ/m2 

Through-thickness shear fracture toughness 𝐺
/

= 34.0 kJ/m2 
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decreased below 0.8, as a result of compression. Thus, very few elements were left to 

form a debris wedge, which would promote the ply splaying observed experimentally. 

 

Table 8.2 – Interlaminar properties used for the cohesive surfaces between plies. 

 

  Trial simulations were also run using smaller values of the lower det 𝑭 limits. 

However, there was no appreciable difference in results, as elements were still deleted, 

albeit at larger compressive strains, and ply splaying never occurred. With the flat 

crushing plate, the simulated load response during crushing was significantly higher 

than that observed experimentally (the numerical stable crushing load plateau values 

were almost triple the experimental ones). This is understandable, considering that the 

main energy absorption mechanism of the experimental coupons was ply splaying, 

while that of the virtual coupons was ply fragmentation, which is known to dissipate 

more energy per given volume than ply splaying. Thus, it was decided to alter the 

geometry of the crushing plate in order to try and promote the ply splaying observed 

experimentally. After multiple iterations, a different crushing plate geometry was 

selected, as shown in Figure 8.3. 

 

 Using this curvature enabled the outer plies to splay, and hence the predicted load 

response was much closer to that of the experimental coupons. However, there are 

several issues which need to be noted when using such a curved plate geometry for 

crushing. Firstly, through the several iterations that had to be performed to find this 

curved plate geometry, it was noted that the numerical results, on both a qualitative 

and quantitative basis, were significantly dependent on the size and curvature of this 

geometry. The central flat portion of the plate, in between the two curved sections, was 

chosen to be 0.6 mm wide (2 plies thick). 

Mechanical property Ply-level values 

Interlaminar stiffness 𝐾 = 10  N/mm3 

Interlaminar strengths 
𝑡 / = 90 MPa 

𝑡 = 73 MPa 

Mode I interlaminar fracture toughness 𝐺 = 0.56  kJ/m2 

Mode II interlaminar fracture toughness 𝐺 = 2.25   kJ/m2 

Mixed-mode interaction fitting parameter (B-K law) 𝜂 = 2.09 [-] 
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Figure 8.2 – Virtual [0°/90°]2S flat coupon, after 4 mm of crushing using a flat crushing plate. Cohesive damage 

viewed from the lateral (left) and frontal (right) directions. No ply splaying was observed. 

 

 
Figure 8.3 – Lateral view of the virtual flat coupon and the curved geometry of the crushing plate to promote 

splaying. 

 

 Initial iterations of the curved geometry included curved plates ranging from a 

wider flat central portion covering more plies, to a thinner central portion (up to a 

lower limit of 0 mm, where the two curved sections met at a singular tip). It was found 

that having no flat central portion promoted excessively large delaminations, with all 

the plies splaying symmetrically outwards (4 plies to each side of the singular tipped 

curve plate), and the predicted load response was significantly lower than the 

experimental results. Furthermore, using a sharp singular tip in the crushing plate 



8. Meso-scale and macro-scale crush modelling of coupons and structures 

173 
 

caused the elements directly beneath this tip to distort. On the other hand, having a 

wider flat central portion promoted more plies to be crushed, instead of being splayed, 

resulting in higher load value predictions. 

 

 The numerical predictions were also sensitive to the height of the curved sections 

of the crushing plate. The final value was chosen to be 0.4 mm (see Figure 8.3). In 

choosing this value, it is important to also consider the in-plane element dimensions 

of the plies (0.3 mm). The larger the height of this curvature, the less the plate 

resembles the flat platen of the experimental tests. The lower the height, the more the 

plies tend to crush in a vertical manner without splaying. The chosen height managed 

to reach a suitable compromise.  

 

 It is important to note that the curvature in the plate geometry extends to the 

outermost plies, becoming tangential to the rest of the flat sections at 0.9 mm either 

side of the central flat region. This curvature played a significant role in managing to 

achieve ply splaying. 

 

 The qualitative results of the progressive crushing for the three simulated flat 

coupon layups can be observed in  Figures 8.4 - 8.6. These figures present front and 

lateral views of the cohesive damage which developed up to the final position of 17.5 

mm (where the experimental tests were halted), in steps of 4 mm.  

 

 
Figure 8.4 – Cohesive surface damage, viewed from the lateral (top) and frontal (bottom) directions, during crush 

progression of a [0°/90°]2S flat coupon. 
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Figure 8.5 – Cohesive surface damage, viewed from the lateral (top) and frontal (bottom) directions, during crush 

progression of a [+45°/-45°]2S flat coupon. 

 

 
Figure 8.6 – Cohesive surface damage, viewed from the lateral (top) and frontal (bottom) directions, during crush 

progression of a [+45°/0°/-45°/90°]S flat coupon. 

 

 The [0°/90°]2S coupon presented less splaying than the [+45°/0°/-45°/90°]S variant, 

while the [+45°/-45°]2S layup resulted in the most extensive splaying. Figure 8.5 shows 

that at 8 mm of crushing, just before the entire trigger has been crushed, the gaps 

between plies (caused by delaminations) in the [+45°/-45°]2S coupon are visibly larger 

than those observed in Figure 8.4 for the [0°/90°]2S coupon. These large delaminations 

occurred since the ±45∘ plies present in two of these three virtual coupons were more 

susceptible to splaying outwards in an elastic manner, remaining relatively 

undamaged, and leaving the inner plies unsupported.  

 

 The contour plots presented in Figure 8.7 show the compressive fibre-dominated 

damage in both the warp and weft directions (11,22) of each ply at the end of the 

crushing process. The outer layer of finite elements of each of the 0°/90° plies 
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experienced significant compressive damage in their respective warp and weft 

directions, which were perpendicular to the crushing direction, unlike the ±45∘ plies 

which presented very little damage. Due to the softening response of these damaged 

elements, splaying of the 0° and 90° plies was restricted to the crash-front, and the 

plies bent outwards on a very small curvature typically spanning 5-6 elements (≈ 2 

mm), resulting in a more gradual and stable splaying progression. The curvature of the 

splayed ±45∘ plies at the end of the simulations, which remained elastic and did not 

experience major fibre-dominated compressive damage, is significantly larger than 

that of the damaged 0°/90° plies. 

 

 
Figure 8.7 – Lateral views of the compressive damage in the warp/weft directions at the end of the crushing 

process. 

 The experimentally tested coupons, for all three layups, presented splaying which 

was visually consistent between them. This splaying neither resembled the elastic 

response of the ±45∘ plies, nor the excessively damaged nature of the 0°/90° plies, 

observed numerically. Experimentally, the ±45∘ plies experienced significant damage 

while splaying, by virtue of the through-thickness shear stresses that developed. Thus, 

they splayed in a manner not too dissimilar to that observed for the 0°/90° plies. 

Unfortunately, this damage within the ±45∘ plies was not captured by the meso-scale 

damage model, possibly due to inappropriate failure initiation criteria, or due to an 

over-estimated through-thickness shear strength (which could not be presently 

measured experimentally), or possibly due to mesh alignment issues. It has been 
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documented in literature that the crack growth path is significantly dependent on mesh 

alignment and element in-plane bias, and is therefore not only subject to having 

physically sound failure initiation criteria [185]. The final curvature of the virtually 

splayed coupons, although similar, was therefore not consistent with the experimental 

results.  

  

 Throughout the crushing simulation of the [0°/90°]2S coupon, it was observed that 

the two central plies of the coupon, directly beneath the flat portion of the rigid plate, 

crushed in a vertical manner, in a similar way to what occurred when crushing the 

entire coupon using a flat plate. This did not occur for the [+45°/-45°]2S coupon, where 

the middle plies proceeded to splay in an elastic manner rather than to crush. The 

[+45°/0°/-45°/90°]S coupon, having two 90° plies in its centre, initially behaved like 

the [0°/90°]2S coupon, with these central plies being crushed and the elements deleted. 

However, due to the increased splaying of the ±45∘ plies during crush progression, 

the 90° plies were offered less lateral support, and they started to splay without the 

elements being deleted. This is similar to the actual experimental crush progression 

(for all three layups), where ply fragmentation is superseded by splaying. However, 

numerically, this transition occurs due to the lack of support offered by the ±45∘ plies, 

which is not the case experimentally. 

 

 The difference in the numerical variation in crushing behaviour of the three layups 

can also be observed in Figure 8.8, which highlights (in red) the elements which are 

progressively deleted throughout the simulations. It is clear that the [+45°/-45°]2S and 

[+45°/0°/-45°/90°]S coupons experience minimal element deletion past the initial 8.67 

mm of the trigger, once ply splaying has become dominant and the central plies are 

unsupported. However, elements appertaining to the two central plies of the [0°/90°]2S 

coupon are also deleted in the constant cross-section region, well beyond the trigger.  

 

 This sustained element crushing in these central plies resulted in a higher load 

response from the [0°/90°]2S coupon than for the other two layups, as shown in Figure 

8.9. This figure overlays the numerical results on top of the experimental ones 

presented in Chapter 6. It is important to mention that the experimental results 

presented for the [+45°/-45°]2S and [+45°/0°/-45°/90°]S coupons were obtained after 
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initial pre-crushing, due to their instability. An attempt was made to replicate the pre-

crushing step in the simulations of these two coupons. However, numerical instabilities 

caused these two-step simulations to abort, once the boundary conditions were 

adjusted from the pre-crushing step to allow for further crush progression. The 

numerical results presented for these two coupons in Figure 8.9 are from single-step 

simulations (presented in Figure 8.5 – 8.6) which do not include pre-crushing, and thus 

they can’t be validly compared to the experimental data. They are only presented in 

order to demonstrate the increased energy absorption capability of the [0°/90°]2S 

coupon (with sustained element crushing) when compared to that of the other two 

layups (with increased ply splaying). 

 

 
Figure 8.8 – Original position of elements which are progressively deleted (in red) by the end of the simulations. 

 

 Although the quantitative stress prediction during the entire crushing length of the 

[0°/90°]2S coupon falls well within the scatter of experimental results, it is important 

to recall that the qualitative results do not match, and hence the quantitative agreement 

is not so meaningful at this stage. It is important not to underestimate the sensitivity of 

these predictions on the geometry of the curved crushing plate. As discussed earlier, 

any slight modification of the plate design resulted in an appreciable change in the 
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mode of crushing, consequently affecting both the qualitative and quantitative 

predictions. 

 

 
Figure 8.9 – Stress-displacement responses of the flat coupon numerical models, overlaying their equivalent 

experimental results. 

 

 
Figure 8.10 – Simulation energies for the [0°/90°]2S flat coupon model. 

 

 There are numerous aspects which could be improved in order for this meso-scale 

damage modelling methodology to become more accurate in predicting the crushing 

behaviour of such flat coupons. Before implementing any changes to the Intra-CDM 

model, all experimental material characterisation should first be completed. This 

includes obtaining all the interlaminar and the through-thickness shear properties 

(which were here assumed from literature). On the modelling side, changes can be 

done to both the material model, and the approach itself.  
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 The Intra-CDM model could necessitate changes to : i) the failure initiation and 

damage propagation criteria, to make them more representative of the 2D woven 

material; ii) the element deletion criteria; iii) the element compatibility of the model, 

to allow the use of fully-integrated 3D elements, to better capture the through-

thickness behaviour while reducing hourglassing and excessive distortion; iv) the 

characteristic element length calculation.  

 

 In particular, the current element deletion criteria are not truly representative of 

the material behaviour, especially in compression. After extensive crushing, the 

material would, in reality, tend to reach an incompressible state. If this type of 

behaviour were to be captured by the model, the compressed elements at the top of the 

trigger which were deleted by the det 𝑭 criterion (refer to Figure 8.8) would instead 

be allowed to remain in the simulation, and form the central debris wedge that was 

observed experimentally. This would cause splaying to ensue naturally, without the 

need of any artificially modified crushing plate geometries. Chapter 7 has already 

included a discussion on the importance of having an improved characteristic element 

length calculation for this Intra-CDM model, in order to ensure that the correct amount 

of energy is dissipated. 

 

 The main modifications to the meso-scale modelling approach could include: i) 

the introduction of a mesh alignment strategy (mesh directional-bias should not be 

necessary for a balanced 2D weave architecture, unlike what was observed for UD 

materials where the in-plane properties are not balanced [185]); ii) the use of a stacked 

shell approach, rather than having reduced integration solid elements.  

 

 The use of mesh alignment, although difficult to implement, could help force the 

propagation of cracks with a realistic path, and avoid crack direction biasing arising 

from induced stress locking [186]. This alignment strategy is based on the assumption 

that most fibre and matrix dominated cracks develop along the principal material 

directions. Thus, mesh alignment could be especially important for the ±45∘ plies 

present in the simulated coupons, where the mesh could be modified to follow the in-

plane fibre directions (currently, mesh is oriented at 45∘ to the fibre directions) . The 

use of stacked shells for predicting composite crashworthiness is a common approach 

in literature (e.g. [63,68,70]), since it manages to reduce the computational cost from 
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having to use 3D solid elements, while still managing to capture delamination (unlike 

the single shell through the thickness approach for macro-scale modelling). The main 

issue with implementing a stacked shell approach is that the Intra-CDM model was 

implemented for sole use with 3D elements. Hence, this change in approach would 

necessitate a significant modification of the material model, or the use of an entirely 

different damage model. 

 

8.3 Tubular coupon meso-scale modelling 

 A 3D virtual model of the tubular coupons was also generated in Abaqus®, based 

on the geometry of the tubes tested in Chapter 6. Again, simulations were performed 

for all the three tested layups, each incurring a computational cost of 25 hours running 

on 20 CPUs. 

 

 
Figure 8.11 – (a) FE model of a tubular coupon, with the applied boundary conditions: (b) cross-sectional view of 

the [0°/90°]2S coupon, showing the mesh (three elements through the thickness of each ply). 
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 The tubular model, presented in Figure 8.11a, consisted of 8 plies with a total wall 

thickness of 2.4 mm. This figure also presents the applied boundary conditions, 

including the vertical velocity (defined using a smooth-step amplitude) imposed on the 

rigid crushing plate. Each ply was meshed using three C3D8R elements through the 

thickness (refer to Figure 8.11b), with an in-plane size of 0.3 mm over the top 5 mm 

of the tube, transitioning to 0.5 mm further down in order to reduce the computational 

cost. In total, the model consisted of approximately 718,500 elements. Similar 

hourglass and distortion controls were employed, as well as selective mass scaling, as 

done for the flat coupon model, with the energies plotted in Figure 8.20. Interlaminar 

regions were again modelled using the aforementioned surface based cohesive 

behaviour, and friction was computed based on an isotropic penalty formulation, with 

a coefficient of friction of 0.25. The mechanical properties used for both intralaminar 

and interlaminar models were the ones listed earlier in Tables 8.1 – 8.2.  

 

 
Figure 8.12 – Virtual [0°/90°]2S tubular coupon, during initial crushing using a flat crushing plate. Cohesive 

damage: (top) cross-sectional view during the crushing of the trigger; (centre) lateral view after the trigger is 

crushed; (bottom) isometric view after the trigger is crushed. 



8. Meso-scale and macro-scale crush modelling of coupons and structures 

182 
 

 The crushing plate was again initially designed to be flat, to replicate the 

experimental fixture used for crushing. However, a problem similar to that occurring 

in the flat coupon simulations arose. No ply splaying was observed, as all the elements 

at the crash-front proceeded to crush in their in-plane fibre-dominated directions, 

without experiencing any out-of-plane loading (see Figure 8.12). Elements were 

similarly deleted by the det 𝑭 criterion, and no debris wedge was formed. The load 

response obtained from these simulations was considerably higher than the 

experimental results, due to the higher energy absorption efficiency of the ply 

fragmentation mechanism. It was therefore decided to modify the crushing plate 

geometry in order to achieve the splaying mechanism observed experimentally. The 

plate geometry of Figure 8.13 was selected after numerous iterations. This geometry 

is clearly not representative of the experimental flat platen, yet the purpose of this plate 

modification was to assess whether ply splaying could be achieved, and to identify the 

necessary changes which could help this model be more accurate and realistic in the 

future. 

 

 
Figure 8.13– Cross-sectional view of a virtual tubular coupon and the curved geometry of the crushing plate to 

promote splaying. 

 

 Using the same principle as that of the flat coupon simulations, a central flat part 

was designed to crush the middle two plies, albeit having a step in its middle to 

accommodate for the change in height between the two plies. On either side of the flat 

central parts, a curved section was included, to join up with the remaining flat portions 

in a tangential manner, covering the three outer and three inner plies. This design 
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helped achieve the desired splaying mechanism. Similar to the flat coupons, results 

obtained from these simulations were noticeably sensitive to the curvature designed 

into the crushing plate. 

 

 The qualitative results of the progressive crushing for the tubular coupons of the 

three layups are presented in Figures 8.13 – 15. These figures present the interlaminar 

damage progression up to 20 mm of crushing, or until the simulation was aborted due 

to excessive element distortions. The [0°/90°]2S coupon crushed in a stable progressive 

manner. The plies on either side of the two central ones splayed symmetrically, 

forming inner and outer fronds similar to those observed experimentally (see Figure 

8.14). However, the two central plies were crushed along their vertical fibre-dominated 

direction, without ever splaying, similar to what was observed for the virtual [0°/90°]2S 

flat coupon. This is not realistic, since experimentally all the plies ended up splaying 

as the crush progressed. This difference in splaying was caused because the central 

debris wedge was not allowed to form, as the elements of the central plies were 

progressively deleted throughout the simulation. The formation of the wedge is 

essential in causing all the plies to splay, even the central ones.  

 

 
Figure 8.14 – Cohesive surface damage during crush progression of a [0°/90°]2S tubular coupon. 

 

 The plots in Figure 8.17 highlight the extensive fibre-dominated compressive 

damage in the axial direction of the [0°/90°]2S coupon, within the outer elements of the 

plies, as they bend and splay outwards. This figure also shows the presence of 

compressive fibre-dominated damage in the circumferential direction of the tubes, for 
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the plies splaying inwards. This damage, noted experimentally, highlights the 

importance of the circumferential reinforcement in restricting splaying.  

 

 The [+45°/-45°]2S coupon model experienced asymmetric splaying at the crash-

front, as a result of the global buckling that the tube experienced during crushing (see 

Figure 8.15). Experimentally, tubular coupons with this layup had buckled and crushed 

in their middle section, away from the crash-front, well before the trigger region could 

splay and form the fronds observed for the other two layups. This failure was not 

captured by the model, as the ±45∘ plies remained undamaged in their warp and weft 

directions, away from the progressing crash-front, as can be seen in Figure 8.17. 

Similarly, no matrix-dominated damage was observed away from the crash-front.  

 

 
Figure 8.15 – Cohesive surface damage during crush progression of a [+45°/-45°]2S tubular coupon. 

 

 The [+45°/0°/-45°/90°]S tube crushed in a very similar manner to the [0°/90°]2S 

variant. However, due to the adjacent ±45∘ plies, the two central 90° plies were 

eventually allowed to splay, as they became less supported. Thus, all 8 plies proceeded 

to splay. However, this was achieved artificially due to the curved plate geometry, as 

no debris wedge was allowed to form during the simulation. 

 

 Due to the closed section geometry of the tubular coupons, delamination 

progression was more suppressed than that observed in the flat coupon simulations. 

The circumferential reinforcement of the woven material managed to restrict this 

interlaminar damage to the crash-front zone, for all the three layups. As a result, the 
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curvature of the splayed fronds for all three tubular coupons do not follow the same 

analogy made for the 0°/90° and ±45∘plies of the flat coupon simulations, were 

delamination progressed further away from the crash-front. 

 

 
Figure 8.16 – Cohesive surface damage during crush progression of a [+45°/0°/-45°/90°]S tubular coupon. 

 

 

 
Figure 8.17 – Cross-sectional view of the compressive damage in the warp and weft directions, at the end of the 

simulations, for all three layups. 
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 The different behaviour of the virtually crushed tubular coupons can be observed 

in Figure 8.18, which illustrates the variation in the patterns of deleted elements for 

the three layups. The [0°/90°]2S coupon experienced significant element deletion 

through compressive fibre-dominated failure, in both warp and weft directions, caused 

by circumferential splitting and axial crushing, and by the compressive failure induced 

by ply splaying. The deleted elements of the [+45°/-45°]2S coupon were mainly caused 

by the initial crushing of the trigger region, and a circumferential split further down 

the tube caused by compressive failure due to the asymmetric ply splaying. The 

[+45°/0°/-45°/90°]S tube presented a pattern of deleted elements similar to that 

observed for the [0°/90°]2S coupon, although the deletion due to axial crushing was 

more constrained to within the two central plies, until they started to splay. 

 

 
Figure 8.18 – Original position of elements which are progressively deleted (in red) by the end of the tubular 

coupon simulations, for all three layups. An enlarged view of the deleted elements, through the wall thickness of 

the tube, is also presented. 

 

 The numerical results presented in Figure 8.19 show similar trends for the 

[0°/90°]2S and [+45°/0°/-45°/90°]S virtual coupons. A stiffer response is observed for 
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all three virtual coupons, most probably due to the different failure mechanisms which 

govern the initial experimental crushing. Experimentally, outer ply splaying, and the 

formation of a debris wedge, start immediately. This provides a less stiff response than 

the virtual coupons, where most elements within the trigger region are deleted by 

compressive crushing, instead of being splayed, allowing them to withstand a 

significant amount of stress, and hence providing a stiffer global response. 

 

 
Figure 8.19 – Stress-displacement responses of the tubular coupon numerical models, overlaying their equivalent 

experimental results. 

 

 
Figure 8.20 – Simulation energies for the [0°/90°]2S tubular coupon model. 

 

 This difference between the experimental and virtual responses, in the initial phase 

of crushing, emphasises the need of making further improvements to the meso-scale 

damage model, in order to be able to properly capture all the relevant failure 

mechanisms of 2D woven CFRP subjected to crushing loads. Quantitatively, even if 
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the results of the [0°/90°]2S and [+45°/0°/-45°/90°]S experimental and virtual coupons 

of Figure 8.19 tend towards similar steady-state crushing values, this is purely 

dependent on the geometry of the virtual crushing plate, especially on the flat central 

sections which allow the middle plies to be crushed, unlike what is seen 

experimentally. If all plies were to splay in the numerical models, like in the 

experimental coupons, the load response would be lowered significantly, indicating 

that the current intralaminar behaviour, and possibly also the interlaminar behaviour, 

are not being appropriately captured. 

 

8.4 Side Impact Structure numerical models 

8.4.1 Meso-scale modelling 

 A 3D virtual model of the SIS was created in Abaqus®. A shell mesh was first 

created using the outer geometrical surface of each ply, after which 3D elements were 

generated using a simple extrusion process. Due to the large nature of the SIS, it was 

not possible to use the same level of mesh refinement as that used for modelling the 

flat and tubular coupons, in order to keep the computational costs reasonable (7 days 

running on 20 CPUs). One element was used through the ply thickness, while the in-

plane sizes gradually increased from around 1 mm to 2 mm further down the structure 

(total mesh size ≈ 619,000). The mesh included 430 C3D6R reduced integration 

wedge elements in regions where C3D8R hexahedrons could not be used. The single 

ply through the thickness is a significant compromise, both in terms of accuracy and 

stability of the model. The through-thickness behaviour of each ply cannot be truly 

captured using a single integration point. Furthermore, hourglass deformations and 

excessive distortions are more likely to occur when using a less refined mesh. The 

same selective mass scaling approach was used as for the coupon models, with the 

energies reported in Figure 8.23. 
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Figure 8.21 – FE model of a Side Impact Structure, with the applied boundary conditions. 

  

 The model and applied boundary conditions are shown in Figure 8.21, while the 

mesh details are presented in Figure 8.22, including the chamfered region at the top of 

the structure. The same intralaminar and interlaminar properties were used as for the 

flat and tubular coupons, as were the element deletion criteria, friction behaviour, and 

hourglass and distortion controls.  

 

 Unlike the flat and tubular coupons, which had a mesh which was aligned 

perpendicularly to the plate, the 3D curvature of the SIS geometry allowed the plies to 

splay without the need of artificially modifying the crushing plate design (hence a flat 

plate was used). Figures 8.21 – 22 present the qualitative results of the progressive 

crushing of the SIS, in steps of 25 mm. It can be observed that even though ply splaying 

occurred without the need of a modified crushing plate, the nature of the splaying and 

the overall structural deformation did not match that seen experimentally. This is 

further confirmed by the cross-sectional view of the crushed SIS model presented in 

Figure 8.26, where the virtual structure is shown to have folded behind the crash-front, 
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in a manner not too dissimilar to what is observed when testing metallic tubular 

structures.  

 

 

Figure 8.22 – (a) Lateral view of the meshed Side Impact Structure; (b) chamfer region at the top of the structure, 

also highlighting the single element through the thickness of each ply. 

 

 
Figure 8.23 – Simulation energies for the SIS meso-scale model. 
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Figure 8.24 – Lateral cross-section view of the cohesive surface damage progression during the Side Impact 

Structure crush simulation. 
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Figure 8.25 – Isometric view of the cohesive surface damage progression during the Side Impact Structure crush 

simulation. 
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 This figure also presents the contour plots for interlaminar and intralaminar 

damage. Extensive cohesive damage (CSDMG) can be seen throughout the folded 

plies, inferring that the entire laminate has delaminated at all the ply interfaces. 

Although this level of delamination was observed experimentally, its virtual 

occurrence cannot be assumed as a means of assessing the validity of the numerical 

result. More importantly, by examining the other plots in this figure, it is clear that 

both fibre and matrix-dominated intralaminar damage were not accurately captured 

during the simulation.  

 

 

Figure 8.26 – Cross-sectional view of the crushed Side Impact Structure at the end of the simulation (top). The 

cohesive damage and the compressive intralaminar damage in the warp and weft directions are presented in the 

left column, while the three matrix-dominated intralaminar damage contour plots are presented in the right 

column. 
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 The presence of fibre-dominated damage in both warp and weft directions, within 

this folded structure, is minimal, indicating that very little fibre failure occurred. This 

is quite different to the experimental results, where extensive fibre fracture and tow 

splitting were observed. Experimentally, several axial split lines were observed 

throughout the entire crushed length of the SIS. These were not observed numerically, 

as evidenced by the pattern of deleted elements (in red) presented in Figure 8.27. This 

image shows that the virtual SIS model suffered extensive damage in its curved 

sections, while the flat regions showed very little signs of failure. The lack of axial 

split lines, the incorrect folding pattern, and the lack of compressive fibre-dominated 

damage, all indicate that qualitatively, the numerical result did not accurately capture 

the crushing mechanisms.  

 

 

Figure 8.27 – Isometric (left) and lateral cross-section (right) views of the original position of elements which are 

progressively deleted (in red) by the end of the Side Impact Structure simulation. 

 

 It is important to note the extent of matrix-dominated damage presented in three 

of the contour plots of Figure 8.26. Considering that this model only possessed one 
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element through the thickness of each ply, it is fair to assume that the through-

thickness behaviour of the composite was not accurately modelled. This could have 

played a significant role in the incorrect folding deformation observed in the 

simulation. However, using three elements through the thickness would have 

necessitated a proportional decrease of the in-plane size of the elements, in order to 

maintain a reasonable aspect ratio. This would have resulted in a drastic increase in 

computational cost. 

 

 Figure 8.28 presents a comparison of the quantitative prediction of the numerical 

load response of the SIS and the quasi-static experimental results. The numerical result 

underestimates the experimental data, even though it follows a similar trend. The lower 

load response is maintained throughout the entire crushing length, likely due to the 

lack of compressive intralaminar fibre-dominated damage absorption observed in the 

numerical model.  

 

 

Figure 8.28 – Load-displacement response of the Side Impact Structure numerical model, compared to the 

equivalent quasi-static (QS) experimental results. 
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8.4.2 Macro-scale modelling 

 The geometric surface of the SIS model was constructed from the outer surface of 

ply 13 (refer to Figure 6.2), since it was the only ply surface that could be used to 

generate a shell mesh that connected the outer 12 plies with the inner rib of plies 13 

and 14. The 45° chamfer machined in the experimentally tested SISs could not be 

modelled using this macro-scale approach. The crushing plate was modelled as a 

discrete rigid body. Figure 8.29 presents an isometric view of the macro-scale 

framework, highlighting the boundary conditions (BCs) which the model is subjected 

to. For simplicity, it was chosen to block the degrees of freedom, i.e. an encastre-type 

BC, in the location where the SIS was experimentally fixed within the mounting base. 

 

 
Figure 8.29 – FE macro-scale model of the Side Impact Structure, including the crushing plate and applied BCs. 

 

 For the quasi-static simulation, a smooth step velocity was applied to the crushing 

plate, and it was assured that the kinetic energy was close to zero, guaranteeing that 

the simulation was indeed quasi-static. In contrast, the dynamic simulation was 

conducted by assigning half the mass of the sled impactor to the crushing plate (390 

kg), together with the same initial velocity condition as that observed experimentally 
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(𝑉 = 10.1 m/s). The mechanical properties used to simulate the mechanical behaviour 

of the SIS are reported in Table 8.3, and were obtained from in-house experimental 

characterisation, as reported in Chapters 3-5. 

 

 The SIS geometry was divided into flat and curved regions to be assigned different 

crush stress values. This division was performed in a subjective manner based on the 

SIS CAD geometry that was provided. The crush stress data input for these sections 

were obtained from the experimental test results of the flat and tubular coupons 

presented in Chapter 6. The flat section, including the inner rib, and the curved section 

of the SIS, are depicted in white and green, respectively, in Figure 8.29. Moreover, the 

crush stress input data was dependent on the type of simulation, i.e. quasi-static or 

dynamic. 

 

Table 8.3 – Ply-level mechanical properties for the macro-scale Abaqus® in-built damage model. 

 

 Table 8.4 lists these different crush stress values assigned to the two sections of 

the SIS, for both loading regimes. Due to the high oscillations present in the dynamic 

Mechanical property SIS 

In-plane tensile elastic moduli 𝐸 = 𝐸 = 63.6 GPa  

In-plane compressive elastic moduli 𝐸 = 𝐸 = 61.0 GPa  

In-plane tensile Poisson’s ratio 𝜈 = 0.03 [-] 

In-plane compressive Poisson’s ratio 𝜈 = 0.03 [-] 

Shear modulus 𝐺 = 3.69 GPa 

In-plane tensile strengths 𝑋 = 𝑋 = 1,046 MPa 

In-plane compressive strengths 𝑋 = 𝑋 = 595 MPa 

Shear strength 𝑆 = 125 MPa 

Mode I intralaminar fracture toughness 𝐺 = 𝐺 = 96.2 kJ/m2 

Compressive intralaminar fracture toughness 𝐺 = 𝐺 = 32.5 kJ/m2 

Shear damage parameter 𝛽 = 1.0 [-] 

Maximum shear damage 𝑑 = 0.9 [-] 

Initial effective shear yield stress 𝜏 = 80  MPa 

Coefficient present in the hardening function 𝐶 = 40 MPa 

Power term present in hardening equation 𝑝 = 0.4158 [-] 
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testing of the [+45°/0°/-45°/90°]S flat coupons, the value assigned to the flat section of 

the SIS was that obtained from the [0°/90°]2S coupon. This slight difference in crush 

stress to the [+45°/0°/-45°/90°]S tubes, i.e. ≈ 2 MPa, should not compromise the 

numerical predictions, especially when considering that quasi-statically, the average 

crushing stress of the flat coupons with the same layups is also not too dissimilar. It 

should be noted that, when running dynamic simulations, other material properties, 

such as elastic, strength, and fracture toughness, need to be scaled up with strain-rate 

[96,117,118,187–189]. However, due to the lack of availability of strain-rate 

dependent data for this material, a conservative approach was taken by maintaining 

the quasi-static mechanical properties for the dynamic simulation. 

 

 Table 8.4 - Crush stress data used for the quasi-static (QS) and dynamic (DYN) modelling of the flat and curved 

sections of the SIS. 

 

 Three different composite layups were used: i) 14 plies for the flat outer section; 

ii) 14 plies for the curved outer section; and iii) 4 plies for the inner rib, with different 

material orientations associated to each ply according to the SIS layup. Due to the 

slight complexity in geometry arising from the varying cross-section and the junction 

between the inner rib and the outer envelope plies, a combination of triangular (S3R) 

and  quadrangular (S4R) reduced integration shell elements, with hourglass control, 

were used to model the SIS, as shown in Figure 8.30. The mesh was composed of 

approximately 59,000 elements (≈ 500 S3R elements and ≈ 58500 S4R elements). 

The use of shell elements in crushing could lead to  

 

 A general contact explicit formulation, using an isotropic penalty friction 

approach, was used to model the contact between the crushing plate and the SIS, and 

for self-contact between the elements of the SIS. A value of 0.25 was used for the 

coefficient of friction [71,73]. The computational cost was of 20 hours running on 1 

CPU. 

Loading regime and curvature Crush stress, 𝜎  [MPa] 

QS and flat 118.0 

QS and curved 176.2 

DYN and flat 93.0 

DYN and curved 138.6 
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Figure 8.30 – Shell element mesh detail of the Side Impact Structure. 

 

 Both quasi-static and dynamic simulations yielded a stable progressive crushing 

of the macro-scale SIS model. The velocity of the sled impactor decreased as the crush 

progressed, in a similar manner to the experimental results, i.e. from 10.1 m/s to 

approximately 5.3 m/s, as shown in Figure 8.31. 

 

 Figure 8.32 shows the contour plots of the von Mises stress for different stages of 

the crushing process of the quasi-static SIS simulation. The stress was mostly 

concentrated at the zone around the crash-front, guaranteeing that the crushing process 

was stable, progressive, and showed no signs of buckling. 

 

 While both simulations exhibited a similar qualitative response, the load response 

obtained from the dynamic simulation was lower when compared to the quasi-static 

one, as a result of the lower crush stress values that were used. Figure 8.33 shows the 

numerical results of the load-displacement curves of both quasi-static and dynamic 

simulations, overlayed on equivalent experimental results. 
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Figure 8.31 – Velocity-displacement profiles for the dynamic Side Impact Structure crush experiment and 

simulation. 

  

 
Figure 8.32 – Numerical progression of quasi-static crushing of a Side Impact Structure, in 50 mm steps. 

 

 As expected, the dynamic simulation exhibited a stiffer response, and a lower peak 

crush initiation load, when compared to the experimental results. A slight knee can be 

observed in both experimental and numerical load responses, for both loading regimes, 

around the 50 mm displacement position. At this point, the crash-front has progressed 

to the top region of the inner rib, which offers an additional resistance to the crush 

progression, resulting in this sudden change in the load response. 
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 Analysing further the load values of Figure 8.33, both simulation responses were 

in good agreement with their respective experimental results, early on in the crush. As 

the crush progresses further, both numerical results tend to overestimate the 

experimental load responses. Since the crush stress parameters used for simulating 

both flat and curved regions are unaltered throughout the entire length of the SIS 

model, the experimental results indicate a progressive decrease in crushing efficiency 

for this structure, for both loading regimes.  

 

 This experimental decrease can be attributed to a number of possible causes. The 

asymmetric ply splaying that was observed in the experimental crushing of the SIS 

resulted in increased lamina bending as the crush progressed. This increased lamina 

bending is a less efficient energy absorption mechanism than the more brittle ply 

fragmentation occurring when plies are not forced to bend as much, but are instead 

crushed axially [26]. This observed phenomenon is akin to the decrease in crushing 

efficiency observed in literature [26,51,55,190]. As the tested tube diameter to wall 

thickness ratio, 𝐷/𝑡, increased, the crushing efficiency decreased as a result of 

increased lamina bending and decreased ply fragmentation. This concept also applies 

to the non-circular cross-section of the SIS [26,55]. Another possible reason for the 

numerical overestimation of the crushing load is due to the inefficacy of the flat coupon 

experiments which were used to obtain the crush stress data, used to model the flat 

sections of the SIS. The crushing load of the flat coupons was seen to decrease as the 

crush progressed, without having reached a plateau. Thus, the average crush stress 

measured from these tests might well be an overestimate. Other flat coupon crush tests 

documented in literature show the need of crushing a significant length in order to 

capture a stable crushing load value [44,85]. This would explain the numerical 

overestimation of the load responses later in the crush progression, as the flat section 

of the SIS increased in size.  
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Figure 8.33 – Load-displacement responses of the Side Impact Structure numerical models compared to their 

equivalent experimental results, for both quasi-static (QS) and dynamic (DYN) loading regimes. 

 

8.5 Conclusions 

 After comparing the meso-scale level numerical results with the experimental data 

of Chapter 6, it was concluded that: 

 

 The combination of the Intra-CDM meso-scale damage model and interlaminar 

cohesive surfaces, at this stage, was unable to capture the true crushing 

behaviour of the woven composite coupons and Side Impact Structure. This 

deficiency was shown on both a qualitative and quantitative basis. 

 There is the need for further material characterisation to be done, especially to 

acquire the interlaminar properties, before attempting to solve any of the 

numerical issues, in order to ensure that the right parameters are being used in 

the models. 

 The numerical results also show room for further improving the intralaminar 

damage model, most importantly by implementing more physically 

representative failure initiation criteria, improving the current element deletion 

criteria, modelling the true compressive behaviour of the material (well beyond 

the initial softening phase), improving the calculation of the characteristic 
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element length, and implementing the model to accept the use of fully 

integrated 3D elements (to capture a more representative through-thickness 

behaviour). The approach should also consider implementing a mesh 

alignment strategy, in order to enable the propagation of cracks along more 

realistic paths. 

 

 The performed simulations demonstrate that the current modelling approach being 

used in F1 yields decent quantitative predictions at a reasonable computational cost. 

However, the progressive deviation observed in the load-displacement responses of 

the SISs emphasises the need to further understand the evolution of the crushing 

behaviour in large composite structures. 

 

 Considering the computational cost and accuracy of the two evaluated meso-scale 

and macro-scale models and their respective approaches, numerical predictions of F1 

composite structure crashworthiness should continue to be performed at the laminate 

level, supplemented with crush stress parameters which, to date, can only be obtained 

through extensive experimental campaigns. This should not deter other models, 

including meso-scale intralaminar damage models, possibly combined with a stacked 

shell approach, from being benchmarked against the two models assessed in this thesis, 

using the experimental results presented in Chapter 6. 
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Part IV – Discussion, conclusions and future work 

 

9. Discussion 

 The main objective of the work presented in this thesis was to help the F1 industry 

start to perform reliable and accurate predictive simulations for the crushing behaviour 

of their composite structures. To do this, two areas of improvement were identified: 

the numerical modelling itself; and the material characterisation experiments which 

supplement these numerical tools with input parameters. This thesis aimed to address 

both areas.  

 

 The first half of the thesis was dedicated to the improvement of current state-of-

the-art techniques for characterising the mode I and compressive intralaminar fracture 

toughness, in order to provide industry with more reliable and objective 

characterisation methods. The second half was focused on first obtaining an extensive 

set of experimental crashworthiness data, and then starting a benchmarking process of 

numerical modelling tools. 

 

 This chapter presents an overview of the main outcomes of this work, highlighting 

the specific contributions that were made to the current state-of-the-art, and discussing 

the current limitations. 

 

9.1 Advances in intralaminar fracture toughness characterisation 

 Chapters 3 and 4 presented advances in the experimental characterisation methods 

for intralaminar mode I and compressive fracture toughness, respectively.  

 

 For mode I intralaminar fracture toughness, both stable and unstable crack 

propagation methodologies were assessed. In literature, both types of tests required 

complicated time-consuming data reduction techniques, which is quite undesirable for 

industry. Some of these techniques required FE modelling as part of the data reduction. 

Furthermore, some of the data reductions for stable crack propagation techniques were 

subjective, as they required the crack length to be measured optically. The effect of the 

notch tip radius on the peak load had only been studied for the stable propagation in 
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Compact Tension (CT) specimens. As a result, none of the techniques proposed in 

literature had yet been standardised for use in industry. 

 

 From all the stable and unstable methodologies in literature, a single one from each 

set was chosen for comparison. Each methodology was limited to one specimen 

geometry and data reduction technique, the ones which offered the most promise in 

terms of presenting a standardised test method. For the stable CT specimens and the 

area method for data reduction, no improvements could be identified, except for the 

addition of a groove, as already suggested in literature [143], to delay the onset of 

back-end failure. However, for the unstable Double Edge Notch Tension (DENT) 

specimens and the complimentary size effect data reduction, several improvements 

were put forward after a thorough investigation. Firstly, the notch tip radius effect on 

the peak loads was investigated, both experimentally and numerically. It was found 

that for DENT specimens, having a razer cut pre-crack or a 1 mm diameter notch did 

not affect the peak load. This was an important contribution, since industry would find 

it easier to cut specimen notches with high geometrical tolerances using a fast, 

automated machining process, rather than having to resort to cutting thin pre-cracks 

manually. Furthermore, using the concept of Trace Theory, the size effect data 

reduction technique was simplified for easier application to most commercially 

available 2D woven CFRPs, eliminating the need of using FE modelling to recompute 

the geometric correction factor. Finally, this entire data reduction technique was 

automated, through implementation in a dedicated Matlab® code.  

 

 Taking account of all these advances presented in Chapter 3, the size effect 

methodology was shown to be a more reliable and objective methodology than the 

stable CT specimens and associated data reductions for obtaining the mode I 

intralaminar fracture toughness. Furthermore, it also provides a size-independent R-

curve for the material, whereas the results obtained from CT specimens are not size-

independent and provide only a limited number of data points. The study performed in 

this chapter managed to put forward a test methodology which can be presented for 

possible standardisation. 

 

 Chapter 4 continued on the advances made for mode I intralaminar fracture 

toughness and applied them to its compressive counterpart. Even though most 
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literature on compressive fracture toughness has focused on the development of stable 

crack propagation Compact Compression (CC) specimens, it was decided to avoid 

such tests due to the significant disadvantages which it possesses, rendering it 

inaccurate, and hence unacceptable for standardisation. Instead, unstable testing using 

the size effect methodology was identified as a more suitable candidate for proposing 

a novel standardised characterisation technique, since it does not suffer from the same 

undesirable factors of CC testing. However, the only literature available for unstable 

tests on CFRPs made use of edge-loaded Double Edge Notch Compression (DENC) 

specimens, which were shown to result in large peak load scatter due to the presence 

of loading surface defects. 

 

 The study of Chapter 4 proposed the use of longer compression specimens to make 

use of the Combined Loading Compression (CLC) fixture, developed for standard 

compressive testing of CFRPs for elastic and strength characterisation. This novel 

specimen geometry and setup managed to significantly lower the peak load scatter 

observed when using the DENC specimens proposed in literature. Furthermore, it was 

decided to take advantage of this novel setup to characterise the residual compressive 

strength of the material, by allowing the ligament of the specimens to be crushed after 

peak load. This attempt was again successful, but only when using an initial notch tip 

diameter of 2 mm, to allow the specimens to crush for a minimum of 1 mm. This 

necessitated a further study on the effect of the notch tip diameter on the peak load, 

since all previous studies in literature had made use of a 1 mm diameter for these 

compression tests. This study was again performed both experimentally and 

numerically, and again no significant difference was found between the peak loads of 

specimens with the 1 mm and 2 mm notch tip diameters. Thus, this novel methodology 

developed here not only improved the accuracy of the calculated fracture toughness, 

by reducing peak load scatter, but also managed to allow another material parameter, 

the compressive residual strength, to be measured in the same test. This is even more 

significant when considering that there are also no standard methodologies available 

for measuring this second parameter. 

 

 This chapter also provided advances in the data reduction scheme for the 

compressive fracture toughness, in a similar manner to what was developed earlier for 

mode I. Making use of Trace Theory, the objective data reduction method, automated 
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in Matlab®, was generalised for most commercially available 2D woven composites, 

hence eliminating the need of employing any FE models throughout the procedure. 

The study performed in this chapter managed to advance the state-of-the-art and 

presented a methodology which could be a suitable candidate for standardisation. 

 

9.2 Analysis of compressive through-thickness behaviour 

 The work presented in Chapter 5 was focused on characterising the through-

thickness compressive material parameters of the 2D woven CFRP, to feed the meso-

scale level model with the right input values. Initially, the objective was to measure 

the compressive modulus, strength, and fracture toughness. Thus, it was decided to test 

both unnotched specimens to measure the first two parameters, and notched specimens 

for the third one. The unnotched specimens were inspired by works in literature, and 

did not provide any novelty, except for the confirmation that the use of a fixed head 

setup is more suitable than a self-aligning one when measuring the strength. 

 

 The notched specimens, which had not been encountered in literature, did not 

allow the through-thickness compressive fracture toughness to be measured, since no 

meaningful size effect in their nominal strength could be captured within the tested 

size range. Although unsuccessful, this notched specimen testing revealed a 

significantly different behaviour of the 2D woven CFRP when loaded in its through-

thickness direction, compared to its in-plane compressive response analysed in 

Chapter 4. The matrix-dominated response in through-thickness was clearly 

insensitive to the presence of notches. This result is a good indicator that, numerically, 

the strength criterion should be sufficient to capture through-thickness compressive 

failure, even in the presence of a notch. This is quite different to what is present in 

literature for in-plane specimens, where the presence of a notch requires failure to be 

predicted using more advanced material modelling approaches, that include damage 

softening, to account for the effect of the notch size [107]. 

 

 In the context of crashworthiness modelling, it is highly unlikely that an individual 

ply becomes subjected to a compressive stress through its thickness which exceeds the 

high compressive strength of such 2D woven CFRPs. Hence, the softening effect in 

through-thickness compression should not play a major role in the crush progression, 
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so that the input value assigned to the corresponding fracture toughness would not 

affect the simulation result. 

 

 This chapter also introduced the concept of the intrinsic size effect method, 

originally proposed by Bažant [113]. Although its use in the attempt to measure the 

fracture toughness was unsuccessful, it was nevertheless the first time that this variant 

of the size effect method had been tested experimentally. This method can be used to 

test specimens with a larger brittleness ratio than what can be achieved with the basic 

size effect approach of Chapters 3 and 4. This intrinsic size effect method could be 

beneficial in other fracture toughness experiments, when a sufficient brittleness ratio 

can’t be achieved by only scaling the overall specimen geometry. One such case could 

be in dynamic material characterisation, using a Split Hopkinson Pressure Bar (SHPB) 

setup, where the maximum specimen size is typically very restrictive [117]. 

 

 This through-thickness characterisation study is admittedly incomplete, since the 

shear response was not experimentally determined. The shear behaviour could play a 

more crucial role in the crushing behaviour of the material, considering the amount of 

ply splaying that was observed in the coupon and structural crushing. The through-

thickness shear strength, shown in literature to be significantly lower than the 

compressive strength, is more likely to be attained during crushing, and hence the 

softening behaviour (associated with fracture energy dissipation) needs to be 

characterised experimentally, in order to be modelled appropriately in the meso-scale 

material model.  

 

 Although this chapter of work only managed to quantify the through-thickness 

compressive elastic modulus and strength, as had already been done in literature, it 

also managed to determine the notch insensitive response of the material in this loading 

regime. The notched specimen designs, in conjunction with the proposed intrinsic size 

effect method, may well become useful once through-thickness shear testing is 

performed in order to characterise the corresponding fracture toughness. 
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9.3 Assessment of the experimental crushing behaviour of coupons 

and structures 

 The second half of the thesis was dedicated to benchmarking two modelling 

approaches, as a way of showcasing their capabilities, while pointing out their current 

weaknesses, and thus helping the F1 industry identify which of the two models is, at 

this stage, more feasible for them to predict the crashworthiness of their structures. 

 

 Chapter 6 started off by providing an in-depth analysis of the experimental 

crushing response of flat and tubular coupons of different layups, tested both quasi-

statically and dynamically. The testing of such coupons is not novel, and has been the 

subject of extensive research, as evidenced in the literature review of Chapter 2. 

Nevertheless, these coupons were tested for two principal reasons: to compare their 

crushing performance to that of a larger more complex structure; and to obtain average 

crushing stress parameters to be used in the macro-scale modelling approach presented 

later.  

 

 It was found that the experimental setup used to test the flat coupons was 

inadequate for both quasi-static and dynamic testing, as two of the tested coupon 

layups which included ±45∘ plies proceeded to buckle rather than crush. This 

indicated that the unsupported length of these coupons was too long. At the same time, 

using this coupon geometry, a stable stress plateau was not achieved during crushing, 

suggesting that by the end of the test, the crushing mode had not yet stabilised. These 

results emphasised that the flat coupon geometry which was used, and its 

accompanying fixture, are inadequate. More sophisticated fixtures have already been 

presented in literature, allowing for longer flat coupon crushing lengths with a constant 

unsupported length [44,172]. These setups have been shown to achieve the desired 

crushing plateau, while avoiding coupon buckling by using a shorter unsupported 

length than the one tested here. Unfortunately, such fixtures could not be acquired for 

testing during the project.  

 

 The tubular coupons crushed in a more stable manner than the flat coupons, and a 

stable plateau was achieved. The tubular coupons offered a substantial increase in 

crush energy absorption over the flat coupons, due to their inreased resistance to 
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splaying, as already reported in literature. Furthermore, both flat and tubular coupons 

were found to absorb less energy when tested dynamically. The dynamic setup for both 

flat and tubular coupons presented significant load oscillations, which could either be 

the result of sudden progressive jumps in the delamination progression, or a result of 

the drop tower setup, where both coupon types might necessitate better clamping to 

the base structure and load cell, to eliminate any undesirable movement. 

 

 From the results of the coupon tests, the effect of layup on the crushing behaviour 

is not yet fully understood, partially due to the uncertainty caused by the load 

oscillations of the dynamic tests. Improving these dynamic tests will be essential to 

help ascertain whether the effect of ply layup on the crushing performance is 

significant. There are several conflicting results reported in literature with regards to 

this layup effect. It is believed that the effect and its significance can vary depending 

on the material (fibre and resin) and weave architecture. 

 

 As reported in literature [87], a significant improvement in crush energy 

absorption was noted for the closed curve sections (tubular coupons) due to their 

increased resistance to splaying. However, only one curvature was tested here, and 

further studies are required in order to understand the actual relation between the flat 

and curved geometry crushing behaviour of this material. This could be of significant 

importance in discerning which regions of a large structure will crush in ways which 

are similar to either flat or curved coupons. In turn, this would prove useful in 

designing structural geometries which can offer higher specific energy absorption, by 

maximising the amount of axial curvature within the geometry. To the author’s best 

knowledge, there is no literature which documents whether the transition in crushing 

behaviour from a flat to a curved section is gradual, or occurs abruptly upon the 

inclusion of a specific amount of curvature. This transition is again most probably 

dependent on material and architecture. 

 

 No investigation was here performed on the effect of laminate thickness on the 

crushing behaviour of the coupons. Thickness would play a significant role in altering 

the crushing behaviour [26], by possibly delaying the onset of steady-state laminate 

splaying/bending. This could in turn necessitate longer crush coupons to be tested, in 

order to capture the plateau value of the crush stress. 
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 The decrease in energy absorption under dynamic loading was similarly replicated 

at a structural level, where F1 Side Impact Structures (SISs) were observed to suffer 

more significant delamination progression during crushing, lowering their capability 

to absorb energy. Through these observations, it is clear that the major step forward in 

improving current 2D woven CFRP crash structures would be to suppress 

delamination. 

 

 The crash testing of F1 crash structures has been developed over the last few 

decades, and has been extensively researched by all F1 teams. However, none of the 

crash test data is usually available for analysis by the research community. Primarily, 

the novelty of the work reported in this chapter is that all the test data is being reported 

in full, including the laminate layup and geometry. Considering all the material 

parameter data supplied in the previous chapters, these crush tests can now serve as a 

useful benchmark for the scientific community to demonstrate the capabilities of its 

numerical tools to the F1 industry. Furthermore, this study has given a more definitive 

answer with regards to the strain-rate sensitivity of the crushing behaviour of large 

industrial-level composite structures. 

 

9.4 Benchmarking of numerical tools for predicting crashworthiness 

 Chapters 7 and 8 were dedicated to the start of a benchmarking process of 

numerical tools for predicting crashworthiness. The benchmarking was focused on the 

accuracy of the results, and the computational costs incurred. The experimental 

crushing results of Chapter 6, together with the characterisation data gathered from the 

previous chapters, were used as a means of comparing the predictive capabilities of 

two numerical meso-scale and macro-scale crash modelling approaches. 

 

 In literature, the crushing behaviour of several composite coupons and structures 

has already been modelled using a variety of material models and approaches, as 

discussed in the review of Chapter 2 [63-88]. However, F1 teams have only been 

assessing the possibility of using a particular macro-scale modelling approach, 

combined with a relatively simplistic composite damage model, that allows them to 

simulate large structural crush events without requiring extensive material 

characterisation, and without needing to develop very intricate ply-level FE models 
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that would be very time consuming to create, and computationally expensive to solve. 

Therefore, this approach needed to be included in the benchmark presented in the 

thesis, as a starting point with which to compare other material models and approaches. 

 

 As mentioned in the previous sub-section, this macro-scale approach necessitated 

the input of crush stress parameters to model the energy dissipation at the crash-front. 

Although the SIS geometry includes a variety of 3D curvatures, an attempt was made 

to discretise its surfaces into two distinct crushing regions, whose behaviour could be 

approximated as flat or curved. In F1, most crash structures include more complex 

geometries than the SIS, and the crush stress data is obtained for a much larger variety 

of coupon curvatures.  

 

 This approach to macro-scale modelling of the SIS yielded promising results, with 

good initial correlations in the load response for both quasi-static and dynamic 

crushing. This modelling approach still needs to be further understood, starting from 

the experimental data being fed into such models. The experimental crushing 

behaviour of the SIS was seen to evolve progressively, and this could not be captured 

experimentally by the two coupon geometries, suggesting a lack of geometric 

scalability of the crushing behaviour. However, considering that these encouraging 

results were obtained using data from only two coupon geometries, it is possible that 

with further experimental and numerical developments, the fidelity of the predictions 

continues to improve.  

 

 The most similar work in literature is that of Waimer et al. [70], where a 5HS 2D 

woven CFRP was used to simulate DLR crush elements, 8 plies thick, having the same 

layup as the SIS. These crush elements, which are around half the size of the SIS, were 

modelled using the same ABQ_PLY_FABRIC orthotropic damage model, and 

subjected to a dynamic crush load. A stacked shell approach was used, with an in-

plane element size of 1-2 mm, and cohesive elements to model the interlaminar region. 

The other main differences between this stacked shell approach and the macro-scale 

simulations presented in Chapter 8 are that: i) CZone® was not used to model the crash-

front behaviour; ii) the energy dissipation parameters for fibre dominated damage were 

calibrated numerically and not acquired experimentally; iii) and the DLR crush 

elements have a constant cross-sectional shape with only one curvature, making them 
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relatively simpler to model than the SIS. Comparing the results obtained by Waimer 

et al. [70] to the macro-scale results of Chapter 8, both modelling approaches managed 

to predict favourably comparable load-responses for the respective structures. 

However, the computational cost of the stacked shell approach was significantly 

higher, requiring 29-33 hours of solving time, running on 4 parallelized processors 

(recall the 20 hour run time on 1 processor for the macro-scale simulation of Chapter 

8).  

 

 The SIS was also modelled at the ply-level using 3D solid elements. This model 

was quite computationally expensive (20 processors, 7 days), to the extent that it would 

not be feasible for industry to model such structural components using this approach. 

The numerical results obtained from this meso-scale simulation, which showed a lack 

of qualitative and quantitative correlation with the experimental data, emphasise the 

need of further developing the Intra-CDM damage model in order to capture the real 

failure mechanisms in a more representative manner.  

 

 Considering the SIS crash modelling results of Chapter 8 in the context of this 

most similar work in literature [70], the main novelty in the numerical work presented 

here can be summarised into: i) the simulation of a larger and more geometrically 

complex structure, which is already being used by the F1 industry; ii) the simulation 

of a structure using two different modelling approaches, both of which had not yet 

been presented in this literature work, and one of which was shown to be less 

computationally expensive; iii) the use of material and crush stress parameters which 

were characterised experimentally. Nevertheless, the approach taken by Waimer et al. 

[70] should be investigated for the SIS and benchmarked in future work. 

 

 Although the use of the meso-scale approach was shown to be inadequate for 

modelling a large structure, it could still prove useful in the virtual modelling of the 

coupons, which provide the crush stress parameters for the macro-scale model. This 

could significantly reduce the number of experimental coupon tests, especially when 

it is necessary to test coupons of various materials, layups, curvatures and loading 

regimes. 
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 The flat and tubular coupons were thus modelled at the ply-level, and crushed 

quasi-statically. Both coupons geometries were simulated using all three layup 

variants. The qualitative and quantitative results of these simulations again showed the 

need of further developing the Intra-CDM composite damage model. These results 

also highlighted the necessity of further experimental characterisation, in order to 

ensure that these numerical predictions are only dependent on the fidelity of the 

damage model itself. However, if this damage model is improved, according to the 

suggestions put forward in Chapter 8, and the experimental characterisation data set is 

completed, the modelling of these coupons could be performed more accurately. 

 

 Both the coupons and the SIS could not be modelled dynamically using the meso-

scale approach, due to a lack of strain-rate dependent material data, and since the Intra-

CDM model has not yet been adapted to accept such strain-rate dependencies. 

 

 Other works in literature have already attempted to virtually model similar coupon 

geometries using meso-scale damage modelling approaches (e.g. [74,191]). However, 

most of this work has been focused on crushing UD composites, under quasi-static 

loading. To the author’s best knowledge, none of the proposed approaches can capture 

the crushing behaviour of 2D woven composite coupons with the required accuracy 

and fidelity, that would give industry the confidence to reduce the number of 

experimental tests and rely on the virtual results. Thus, the virtual coupon modelling 

results of Chapter 8 can act as a good starting point for future developments. 
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10. Conclusions 

 This thesis has presented experimental and numerical work which contributes 

positively to the development of a reliable and accurate methodology for predicting 

the crashworthiness of F1 composite structures. Several advances were made in the 

strive towards standardising experimental methods for material characterisation. 

Furthermore, a benchmark was started for the comparison of numerical material 

models and approaches that could be used to perform predictive crashworthiness 

simulations.  

 

 The main experimental characterisation contributions can be summarised as: 

1. An improved methodology for determining the mode I intralaminar fracture 

toughness of most commercially available 2D woven composites. 

 An automated and objective data reduction technique that greatly simplifies 

the procedure of obtaining the R-curve of the material, without the need of 

using any FE methods or subjective optical measurements. 

 Specimen geometries which can have accurately machined notches, rather 

than requiring sharp pre-cracks that are manufactured manually. This was 

achieved by virtue of an experimental and numerical study on the notch tip 

radius sensitivity of the peak load values. 

2. A similarly improved methodology for determining the fibre-dominated 

compressive intralaminar fracture toughness, and the residual compressive 

strength, of most commercially available 2D woven composites. 

 An automated and objective data reduction technique that greatly simplifies 

the procedure of obtaining the R-curve of the material, without the need of 

using any FE methods or subjective optical measurements. 

 A specimen geometry and fixture setup that greatly reduces the 

experimental data scatter for peak loads, hence increasing the confidence 

in the calculated value of the fracture toughness. 

 A specimen geometry and fixture setup which also allow for the 

measurement of the residual compressive strength of the material, by 

maintaining a stable post-peak crushing phase. This was achieved by using 

a notch tip radius large enough to allow for stable crushing without 

affecting the fracture toughness measurement. The notch tip size was 
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validated by an experimental and numerical study on the notch tip radius 

sensitivity of the peak load values. 

3. A study of the notched and unnotched through-thickness compressive behaviour 

of 2D woven composites, which shone a light on the notch insensitivity of the 

material in this stress state, unlike what was previously observed for in-plane 

compression. 

 

 While these advances in experimental characterisation are an essential step 

forward, there are still other material parameters which require the development of 

similar techniques, as discussed previously. Some particular suggestions are given in 

the next chapter. 

 

 The experimental crashworthiness study also provided two major novel 

contributions to the research field: 

1. The publication of a comprehensive set of experimental data for both coupons and 

structures, which, in conjunction with the ply-level material parameters provided, 

can be used to assess the predictive capabilities of various numerical models and 

approaches for composite crashworthiness. 

2. Substantial evidence to conclude that 2D woven composite structures currently 

being used in F1 are indeed strain-rate sensitive, offering a lower energy absorption 

capability under dynamic crushing conditions. 

 

 This experimental study also revealed the necessity of further studies and 

developments, particularly to address the shortcomings of the coupon tests. The major 

areas for improvement are put forward in the next chapter. 

 

 The outcomes of the numerical benchmarking process of two material models and 

their respective approaches can be summarised as: 

1. The macro-scale approach currently being assessed by F1 for crashworthiness 

predictions showed potential for becoming a reliable and accurate tool, if supplied 

with data from improved experimental coupon crush tests. 

2. A favourably comparable quantitative response can already be obtained using this 

macro-scale approach, by supplying crush stress data from just two coupon 

geometries and two loading regimes. 
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3. The Intra-CDM damage model, used in a meso-scale approach with 3D solid 

elements, is not a suitable candidate for large structure crash modelling. 

4. However, this model and approach have the potential of becoming a powerful 

additional tool for crashworthiness modelling, by predicting the crush responses of 

virtual coupons, and hence providing input data for the large structure macro-scale 

models.  

 

 This numerical benchmark revealed the importance of having accurate material 

parameters obtained from objective experimental characterisation techniques, as well 

as experimental crush data which can be used to validate modelling results on both a 

qualitative and quantitative basis. Considering what has already been observed in 

literature, there are a number of material models and modelling approaches which 

should be benchmarked against the results obtained here, for both virtual coupon and 

structural crush modelling. 
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11. Future Work 

 Based on the experimental and numerical results obtained within this work, the 

following is a list of recommendations on how to further improve the predictive 

capabilities of the numerical tools, and the accompanying characterisation techniques 

in order to feed more accurate material parameters. 

 

11.1 Development of mode II intralaminar characterisation tests 

 The current version of the Intra-CDM meso-scale damage model necessitates the 

input of three shear fracture toughness material parameters. In this work, these values 

could only be estimated from literature. In the future, if this damage model were to be 

adopted by industry, it would be highly recommendable to be able to suggest a 

complete set of material characterisation techniques which could be performed in order 

to populate all the input data. While this work has provided satisfactory improvements 

in the acquisition of mode I and compressive intralaminar fracture toughness 

parameters, there are no proven methods which can claim to accurately measure the 

shear fracture toughness of CFRP composites. Ideally, the developed method would 

also allow the measurement to be done objectively, and to provide a size-independent 

R-curve, in a similar way to what was developed here for mode I and compression. 

 

11.2 Development of through-thickness shear tests 

 A claim was made in Chapter 5 as to the importance of experimentally capturing, 

understanding, and numerically replicating the through-thickness shear behaviour in 

order to properly replicate the extensive shearing observed in the crushing experiments 

of the subsequent chapter. Specimens similar to those used for through-thickness 

compression could be manufactured, and tested using a fixture similar to that of V-

Notch rail shear tests. 

 

11.3 Improvements of the Intra-CDM meso-scale damage model 

 The current version of the Intra-CDM composite damage model was found to be 

inadequate to model the complexities of a crushing scenario of a 2D woven CFRP. 

Several suggestions were made in Chapter 8, which could allow this model to properly 

model the progressive crushing of virtual coupons. Firsly, a more accurate failure 
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initiation criteria is probably necessary to capture the true behaviour of plies being 

crushed in a direction which is not aligned with their principal fibre-dominated 

directions (e.g. a ±45∘ ply). The element deletion criteria should also be re-assessed, 

as the current version is not truly representative of the material behaviour. By 

modifying it, especially in the compressive regime, it should be possible to form the 

severely strained elements at the crash-front which form the debris wedge, enabling 

the virtual coupons to splay without any artificial plate geometry modifications. 

Furthermore, the damage model could be modified in order to allow the use of fully-

integrated hexahedral elements, which would capture a more realistic through-

thickness shearing behaviour of the plies. However, considering the significant amount 

of splaying present in such simulations, it is possible that such elements would suffer 

from shear locking, which would also negatively impact the predictive capability of 

the model. This problem could possibly be avoided by using one fully-integrated 3D 

element through each ply thickness (even if the through-thickness stresses will not be 

accurately resolved), and an in-plane element size equal to the ply thickness, to obtain 

an element shape which does not have a large aspect ratio. Finally, the characteristic 

element length calculation should be improved, to account for the element shape, and 

the direction of the crack path with respect to the mesh lines. 

 

 Once all these changes have been implemented and tested, another further 

modification to this meso-scale modelling approach needs to be investigated, that of 

mesh alignment with the principal material orientations. This has already been shown 

to have a significant effect on the direction of the crack paths that form within the plies 

[185]. When modelling 2D woven CFRPs, the in-plane element aspect ratio should not 

play as significant a role as when modelling UD composites. 

 

11.4 Dynamic material characterisation and development of the 

Intra-CDM model to account for strain-rate effects 

 Once the meso-scale damage model has undergone the necessary changes, and has 

been validated at the quasi-static loading regime, the strain-rate dependencies of the 

material parameters can also be included. This modification would necessitate a 

significant amount of experimental developement, in order to obtain all the strain-rate 

dependencies on the material properties. This is not a trivial task, as the dynamic 
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behaviour of 2D woven CFRP composites is still relatively unknown, and the 

experimental setups used to obtain dynamic material parameters are expensive and 

more complex to use properly. 

 

11.5 Further benchmarking of other models 

As discussed throughout the thesis, one of the main objectives was to benchmark 

numerical tools for predicting crashworthiness. Although two modelling approaches, 

each with a corresponding material model, have been benchmarked for modelling the 

SIS, many other approaches and models exist. Future work should continue this 

benchmarking process, starting off with the stacked shell approach, such as the one 

presented by Waimer et al. [70]. Similarly, another benchmark should be performed 

for the virtual coupon modelling. 

 

11.6 Improvements of the coupon crush tests 

 Several shortcomings were identified for the experimental coupon tests. The flat 

coupon test needs to be modified to achieve longer crushing lengths with a constant 

unsupported length, in order to obtain a more reliable steady-state crushing plateau 

from which average crush stress data can be calculated and fed to the numerical 

simulations. Such a fixture should ideally also be suitable for use in a dynamic test 

setup such as a drop tower. The tubular coupons need to be further investigated, and 

their dynamic setup might need some adjustments in order to reduce the large 

oscillations in the load response. The effect of ply layup and laminate thickness have 

not yet been fully understood, and currently this understanding can only be improved 

through more experimental testing.  

 

 In terms of curvature, further studies are required in order to understand the 

relation between the crushing behaviour of the flat and curved geometries of this 

material. This could be of significant importance in discerning which regions of a 

composite structure will crush in ways which are similar to either the flat or curved 

coupons, allowing for a better distinction of these regions in the macro-scale modelling 

approach presented in Chapter 8. In turn, this would help design structural geometries 

which can offer higher specific energy absorption, by maximising the amount of axial 
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curvature within the geometry, and thus restricting the amount of delamination 

progression. 
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